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Buckling and fracture of concentric braces under inelastic cyclic loading

By Benjamin V. Fell, Amit M. Kanvinde, Gregory G. Deierlein, Andrew T. Myers, Xiangyang Fu

Experimental findings and design implications from nineteen tests of large-scale concentric steel
braces are presented. Rectangular hollow structural sections (HSS), round pipe, and W-shape cross
sections of varying width-thickness and slenderness ratios are subjected to various loading histories.
Ductile fracture during inelastic cyclic buckling is found to be driven by strain amplification due to
local buckling of the cross section. Cross section shape, width-thickness ratio, and brace slenderness
ratio are the most important factors that control brace ductility. Pipe and wide-flange shapes are
observed to be more resilient to fracture as compared to HSS members that develop large local
buckling induced strains at the corners. Parameters that have less significant effect on buckling and
fracture response include concrete filling of HSS members and loading rates. The relatively low
displacement ductility of the HSS members suggests the need to reduce the permissible section width-
thickness requirements for seismic design. Tests with and without reinforcing at the slotted HSS and
pipe to gusset plate connections demonstrate the effectiveness of the reinforcing plates to prevent
premature net-section fracture. The maximum brace resistance is found to be bracketed between the
calculated expected yield strength (RyF,A,) and expected ultimate strength (R{F,A,), using nominal
values specified in design specifications. Micromechanics-based models to simulate ductile fracture are
introduced that can generalize the findings of this research through detailed finite element analyses.
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Notations

¢ Gross cross sectional area, in’

. Net cross sectional area, in’

C;  Deflection amplification factor

D Diameter of PipeSTD section, in

E Modulus of elasticity of steel, E = 29,000 ksi

F,  Minimum specified yield stress of steel (AISC, 2001), ksi
F.,  Critical buckling stress, ksi

F.r.gy Critical buckling stress with RyFy amplification, ksi

F, Maximum specified ultimate stress of steel (AISC, 2001), ksi
K  Effective length factor

K.) Calculated elastic stiffness, k/in

K.mm Experimentally measured elastic stiffness, k/in

Lg  Brace length, in

M, Nominal plastic flexural strength, k-in

P,9, Maximum experimentally measured tensile force at 2% drift, kips

P, Compression backbone estimate, kips

P mar Maximum experimentally measured compressive force, kips

P....xp Expected compression strength, kips

P, Maximum experimentally measured tensile force, kips

P,  Nominal axial strength of a compression member, kips

P, Tension backbone estimate, kips

P, ., Expected ultimate strength, kips

Py .., Expected yield strength, kips

R Average micovoid size

R Seismic response modification coefficient

Ry  Initial average micovoid size

R, Ratio of expected ultimate strength to the minimum specified ultimate strength, F,
R,  Ratio of expected yield strength to the minimum specified yield strength, Fy
T Triaxiality, T = 6,,/Ce

U  Joint efficiency factor accounting for shear-lag

Z Plastic section modulus, in®

b Width of square HSS, in

br Width of flange, in

t
. o )
¢”  Equivalent plastic strain, e” :j Zel-eldt
3 y y
0

fc  Specified compressive stress of concrete, ksi

n Hardening coefficient

r Governing radius of gyration, in.

t Wall thickness of HSS or PipeSTD cross section, in
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Iy Thickness of flange, in

4y  Initial imperfection of an axial strut, in

A,  Brace axial deformation, in

4,  Critical buckling axial displacement, in

26, Cumulative plastic drift, radians

o Ry amplification factor

Ji] Angle between the horizontal plane and bracing member, degrees
o Lateral displacement of a buckling member, in

& Plastic strain, in/in

& Strain rate, gt

A Slenderness parameter

Aeyeiic Damage coefficient for ULCF fracture model

& Strain at fracture, in/in

) Resistance factor

n Monotonic toughness parameter for fracture model
Neyelic Cyclic toughness parameter for ULCF fracture model
(7] Story drift angle, radians

.. max Maximum critical buckling drift, radians

6,  Story drift at first yield, radians

Oyce Story drift at Maximum Considered Event (MCE) level, radians
o, Effective or von Mises stress, ksi

O,  Mean or hydrostatic stress, ¢, = %(0'1 +0,+0,), ksi

v Triaxiality amplification factor in ULCF fracture model
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1. Introduction

While concentrically braced frames are one of the more popular lateral load resisting
structural systems for steel buildings in seismically active regions, they are known to be
vulnerable to brace buckling and fracture. As shown in Figure 1.1, recent testing (Uriz and
Mahin, 2004) has demonstrated the likelihood of ductile fracture that is induced by overall
flexural brace buckling followed by concentrated local buckling. Connections between the braces
and the frame are also prone to fracture; however, provisions are in place to mitigate this through
connection detailing that accommodates brace end rotations and avoids net section fractures.
Nevertheless, because concentrically braced frames dissipate energy through cyclic inelastic
buckling of bracing elements, the resistance of braces to buckling-induced fracture may
ultimately govern system ductility; and recent studies (Uriz and Mahin, 2004, Herman et al.,
2006) suggest that the current AISC Seismic Provisions (2005) may not provide sufficient
fracture resistance to provide the ductility implied by current building code provisions.

To address the concerns of ductile performance of bracing systems during severe ground
shaking, this report is focused on the experimental performance of nineteen large-scale bracing
members that were tested as part of a Network for Earthquake Engineering Simulation and
Research (NEESR) project. The tests were intended to provide insights into performance of
bracing elements and connections as well as to validate new fatigue and fracture modeling
techniques in full-scale steel components.

Current seismic design standards (AISC, 2005) distinguish between Ordinary
Concentrically Braced Frames (OCBF) and Special Concentrically Braced Frames (SCBF),
where the latter have more stringent requirements to provide for larger ductility. This is reflected
in the seismic response factors specified for the design of braced frames in ASCE 7 (2005). For
SCBFs, ASCE 7 specifies R = 6 and C4 = 5; whereas for OCBFs ASCE 7 specifies R = 5 and Cy4
=4.5. However, in terms of the bracing members themselves, the AISC requirements are similar
for OCBFs and SCBFs, where requirements for both systems have the same limits on the brace
section compactness and the brace connection design and similar limits on the overall
slenderness. Therefore, the testing and results in this report are generally relevant to braces in
both OCBF and SCBF systems. However, since SCBFs are preferred for regions of high
seismicity, this study is presented in the context of SCBF systems, where the main practical
difference is that the loading protocol is established for regions of high-seismicity assuming the
larger deformation capacity of the SCBF system.

The test specimens, representing various types of SCBF braces, were subjected to
reversed-cyclic loading histories to characterize their performance. The specimens are
approximately two-thirds scale of brace sizes used in typical buildings and have end connections
that represent the expected type of gusset plate connections used in SCBF systems. The gusset
plate connections are designed in accordance with the Seismic Provisions (AISC, 2005) to ensure
the formation of a yield line to accommodate rotations associated with brace buckling. The cross
sections investigated in this study included two square hollow structural sections (HSS4x4x1/4
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and HSS4x4x3/8), two standard pipe sections (Pipe3STD and Pipe5STD), and one wide-flange
section (W12x16). The HSS and PipeSTD sections provide a variety of width-thickness and
slenderness ratios within the AISC (2005) limits, while the W12x16 exceeds both the section
compactness and slenderness limits for SCBF braces. In addition to width-thickness, slenderness
and cross sections, the tests examine various other factors including loading histories, loading
rates, connection details, and concrete fill in the HSS members. These result in key observations
regarding the performance of these braces and connections that are of immediate relevance to the
professional practice engaged in SCBF design.

Apart from their immediate practical relevance to seismic design, the brace tests provide
high-quality data to validate the accuracy of a new type of micromechanics-based Ultra Low
Cycle Fatigue (ULCF) model developed by the authors (Kanvinde and Deierlein, 2004). The
validation of this model is part of a broader set of objectives of this investigation, which is
supported by the National Science Foundation. While details of the micromechanical ULCF
models are beyond the scope of this report, some basic background and application of the models
is presented herein since they provide practical insights into the fracture behavior and an accurate
means to extrapolate the limited brace test data.

Figure 1.1: Experimental fracture at plastic hinge (Uriz and Mahin, 2004)

The organization of this report is as follows:

Chapter 2 summarizes the experimental program, including the brace properties,
experimental setup, applied loading histories, and test results. Design considerations and
fabrication drawings are provided that show the dimensions and connection details for
each specimen. The final section of the chapter presents a summary of the key
experimental observations in terms of relevant performance limit states for each brace.

Chapter 3 introduces the continuum-based Ultra Low Cycle Fatigue (ULCF) models to
calculate the initiation of ductile fracture based on triaxial stress and strain data from
finite element simulations of the braces. A brief discussion is presented to explain the
importance of these fracture criteria to supplement the experimental program and provide
valuable insights into brace performance.
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Chapter 4 presents design implications for SCBF systems based on the observations of
this study. These include recommendations to improve the performance of SCBFs.

Chapter 5 summarizes the significant findings and conclusions of the investigation.
Appendix A summarizes the measured material properties of the brace specimens, and

Appendix B includes the hysteretic plots of each specimen along with parametric
backbone curves to characterize the overall brace behavior for system analysis.
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2. Summary of Experimental Program

2.1. Introduction

The overall objectives of the testing program are to examine earthquake-induced buckling
and fracture behavior, considering both practical aspects of design and the validation of fracture
simulation models. Details of the testing program were developed in consultation with the
Structural Steel Educational Council and practicing engineers at Rutherford and Chekene
(http://www.ruthchek.com/). The testing program consisted of nineteen large-scale tests of
concentrically loaded HSS, pipe and W-sections. This chapter reviews the experimental setup,
the design of the test specimens and loading protocols, and the performance variables
investigated. Test results, including the buckling and fracture limit states and associated forces
and deformations are summarized at the end of the chapter; and further details regarding the
design implications are discussed in Chapters 4 and 5.

2.2. Experimental Setup

The tests were conducted at the UC Berkeley NEES facility located at the Richmond
Field Station. The NEES facility offers state-of-the-art testing resources and versatility with
respect to the application of boundary conditions, forces, and loading rates. More information on
the NEES lab at Berkeley is available at: http://nees.berkeley.edu/.

As shown in Figures 2.1 and 2.2, the test setup consisted of the brace specimen installed
in a test rig with two servo-hydraulic actuators, each of which has a force capacity of 220 kips
and a stroke capacity of +/- 10 inches. The test rig provided a fixed-fixed boundary condition for
the braces, where one brace connection was bolted directly to a large reaction block and the other
end was attached to a moving cross-beam. The connection gusset plates were oriented so that
braces buckled in the horizontal plane with an effective buckling length equal to the length of the
brace. The entire setup was attached to the strong floor and stood approximately three feet high.
The tests were performed in displacement control and the actuators were set in a master-slave
feedback-control manner to minimize the in-plane rotation of the cross-beam and, thereby,
maintained a fixed boundary condition at the translating end.
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Figure 2.2: Elevation view of actuator, constraint frame and sliding cross-beam

2.3. Test Goals and Matrix

Shown in Table 2.1 is the testing matrix for the nineteen specimens, including
information on the brace cross sections and loading variables. Eight of the specimens were
square HSS, which are commonly used in SCBF design and known to be susceptible to fracture
from previous studies (Uriz and Mahin, 2004). Pipe and wide-flange sections were selected for
the other eleven tests since they were thought to perhaps provide improved fracture resistance.
The slenderness (KLg/r) and width-thickness (b/t or D/t) ratios were varied to examine their
contribution to fracture behavior. For example, with comparable slenderness ratios, the two HSS
sections provide a direct assessment of the influence of width-thickness ratios on brace
performance. The alternative pipe sections and W12x16 allow for an assessment of slenderness
effects combined with section properties. For the HSS and pipe sections, the width to thickness
ratios are well within the AISC limits for SCBF braces, i.e., b/t < 16.1 for the grade 46 ksi HSS
sections and D/t < 36.5 for the grade 35 ksi pipe sections. On the other hand, the flanges of the
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grade 50 ksi W12x16 just exceed the AISC limit of b/2t; < 7.22. Similarly, the slenderness of the
HSS and pipe sections are within the limit of KLp/r < 4\/ (E/Fy) (KLp/r < 100 for the HSS and
KLg/r < 115 for the pipe), whereas that of the W12x16 exceeds the limit (KLp/r < 96).

Net-section reinforcement was examined in the pipe specimens, and the influence of
concrete fill was examined in two of the HSS specimens. Loading variables include the loading
cycle history (representing effects of far-field versus near-fault ground motions) and loading rates
(quasi-static versus earthquake rate). A tension-dominated near fault loading history investigates
net-section type fracture of end connections, especially for the pipe and wide flange braces. High
loading rates, corresponding to those induced by an earthquake on a building with a 0.8 second
period, were included to substantiate the use of quasi-static testing for characterizing seismic
performance.

Table 2.1: Brace Specimens and Loading Variables

Test # | Bracing Member Loading History | Loading Rate | Width- KLg/r
thickness (K=1.0)
1 HSS4x4x1/4 Far-Field Slow 14.2 77
2 HSS4x4x1/4 Near-Fault (C) Slow 14.2 77
3 HSS4x4x1/4 Far-Field Fast 14.2 77
4 HSS4x4x3/8 Far-Field Slow 8.46 83
5 HSS4x4x3/8 Far-Field Fast 8.46 83
6 Pipe3STD Far-Field Slow 16.2 103
7 Pipe3STD # Far-Field Slow 16.2 103
8 Pipe3STD # Near-Fault (T) First Pull Fast 16.2 103
9 Pipe3STD Near-Fault (T) First Pull Fast 16.2 103
10 Pipe5SSTD # Near-Fault (T) First Pull Fast 21.6 64
11 Pipe5STD Near-Fault (T) First Pull Fast 21.6 64
12 Pipe5SSTD # Far-Field Slow 21.6 64
13 Pipe5STD Far-Field Slow 21.6 64
14 W12x16 Near-Fault (C) Slow 7.5% 155%
15 W12x16 Far-Field Slow 7.5% 155*
16 WI12x16 Near-Fault (T) Slow 7.5% 155*
17 HSS4x4x1/4 ** Far-Field Slow 14.2 77
18 HSS4x4x1/4 ** Near-Fault (C) Slow 14.2 77
19 HSS4x4x1/4 ## Far-Field Slow 14.2 77

* exceed the limits of the AISC seismic provisions; # reinforcement not provided at the gusset plate net
section; **concrete filled; ## reinforcement provided at mid-length; (C) asymmetric compression history;
(T) asymmetric tension history

2.4. Description of Experimental Brace Specimens

Fabrication drawings of the brace specimens and connections are shown in Figures 2.3
through 2.6. The dimensions for the HSS and PipeSTD braces are listed in Table 2.2 and
correspond to the labels shown in Figures 2.3 and 2.4. The W12x16 brace, whose details are
quite different from the HSS and pipe, is shown separately in Figure 2.5. Table 2.3 summarizes
the specified material properties for the braces, including the Ry and R; factors (AISC, 2005)
where Ry is the ratio of expected yield strength to the minimum specified yield strength (Fy) and
R is the ratio of expected ultimate strength to the minimum specified ultimate strength (F,).

“Buckling and fracture of concentric braces under inelastic cyclic loading”, © Fell et al., 2006, All rights reserved. 12



Important features of the designs are summarized as follows —

® The specimens all have a total length of 10°-3” from end plate to end plate

e The provision of the “2t” fold line in the gusset plate was followed to allow for the
development of a yield line during brace buckling (Astaneh, 1985 and 1998).

e (Qusset plates were designed to prevent buckling (Astaneh, 1998)

e (Qusset plates were designed to prevent yielding in tension (Whitmore, 1950).

e For all braces, except for specimens 7, 8, 10, and 12, net section reinforcement (Yang and
Mahin, 2005) was provided to prevent net section fracture at slotted ends.

e Welds were detailed to avoid fracture

¢ End plates and bolts were designed considering prying action

® Design forces, determined by RyFyA,, were used for all tension dominated actions

Note that the gusset plate slots in the brace specimens (Figure 2.4) are shorter than typical
detailing practice where, for constructability, it is common to extend the slot approximately 1”
beyond the gusset plate. Similarly, the net section reinforcing plates are slightly shorter than
would typically be required to prevent net section fracture (refer Yang and Mahin, 2005). In
addition, to ensure proper weld behavior, typical connection details do not allow the weld to
continue to the end of the gusset plate as was permitted in these specimens.

Table 2.2: Design variables associated with Figure 2.3 and 2.4
Cross QTY | BWL | ET |EW | GW | GL | GWT | RL | RWT | RW | RT

section (in) (in) | (in) | (in) (in) (in) (in) (in) (in) | (in)
HSS4x4x1/4 6 10 2 10 6 112 | 5/16 8 Y4 2 Y4
HSS4x4x3/8 2 15 2 10 6 1612 | 7/16 8 Y4 2 3/8
Pipe3STD 4% 61 1] 14 | 51 8 5/16 6 3/16 2 Y4
Pipe5SSTD 4% 12 1% | 14 | 7% | 131 3/8 11 3/16 3 Y4

*Two braces were fabricated without reinforcing plates

Table 2.3: Nominal material properties as specified per ASTM and AISC

Cross Section Steel Type* | A, (inz) F.* (ksi) | F* (ksi) | R, R,
HSS4x4x1/4 A500 Gr. B 3.37 46 58 1.4 | 1.3
HSS4x4x3/8 A500 Gr. B 4.78 46 58 1.4 | 1.3
Pipe3STD (Type E) A53 Gr. B 2.23 35 60 1.6 | 1.2
Pipe5SSTD (Type E) A53 Gr. B 4.30 35 60 1.6 | 1.2
W12x16 A992 4.71 50 65 1.1 1.1

* ASTM minimum values; A, as per AISC (2001)
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2.5. Description of Loading Histories Applied to Braces

The cyclic loading protocols for the brace tests were devised to impose deformation
demands consistent with earthquake loading effects. Consequently, three important
considerations controlled the design of the loading protocols: (1) Providing deformation demands
— in terms of absolute deformation as well as numbers of cycles — consistent with real
earthquakes; (2) Minimizing scale effects to allow for the generalization of the performance
observations from the two-third scale tests to full-scale frames; and (3) Incorporating the effects
of different types of ground motions, 1.e. far-field versus near-fault conditions.

The loading protocols were developed considering the advantages and disadvantages of
various published protocols, selecting a suitable one, and adapting it to the specific aims of this
study. Sections 2.5.1, 2.5.1.1, and 2.5.2 describe the development of two such loading protocols.
One loading history aims to represent the demands imposed by far-field (general, non-near fault)
ground motions, while another aims to represent demands imposed by near-fault motions. It is
important to note that in contrast to moment frame systems, where seismic drift demands are
fairly stable (with respect to design variables — Gupta and Krawinkler, 1999), development of
standardized loading protocols are more challenging for SCBFs since the deformation demands
tend to be more sensitive to minor variations in subjective design decisions, owing to the wide
variety of bracing configurations and the complex and irregular behavior of the bracing elements.
For example, the slenderness ratio of the bracing elements can have a significant influence on
drift ratios (Tremblay, 2000). In view of these issues, the loading protocols used for these studies
intend to reflect the best estimates of seismic demands on SCBF systems based on analytical
studies conducted by the authors and others.

2.5.1. Far-Field Loading Protocol

The far-field (or general) loading history was developed by adapting one from ATC-24
(ATC, 1992) to represent SCBF behavior. This protocol is based on nonlinear time history
investigations by Krawinkler et al. (2000), who demonstrated that the dissipated energy demands
that result from the testing protocol are consistent (under reasonable assumptions) with realistic
seismic demands in ductile moment frames. The authors modified the moment frame loading
protocol to braced frames using concepts outlined by Krawinkler et al. in its original
development.

2.5.1.1. Modification of SAC Far-Field Protocol

Figure 2.7 outlines the ATC/SAC loading protocol. The protocol is defined in terms of
cycles of story drift angles of successively increasing magnitudes. As shown in the figure the
loading history consists of three increasing sets of six cycles (6 = 0.00375, 6 = 0.005, and 6 =
0.0075) followed by four cycles at the approximate yield drift of a moment frame (8y = 0.01),
and four progressively increasing sets of two cycles each with the fourth set corresponding to the
Maximum Considered Event — MCE level (6 = 0.015, 6 =0.02, 6 = 0.03, and Byicg = 0.04).

“Buckling and fracture of concentric braces under inelastic cyclic loading”, © Fell et al., 2006, All rights reserved. 15
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The modified ATC/SAC far-field protocol used in the current study for SCBF systems is
illustrated in Figure 2.8 and Table 2.4. The four cycles at the MRF yield level (1% drift — load
step 4; solid box in Table 2.4) are scaled to coincide with the onset of inelasticity in an SCBF
system, typically the buckling displacement of the brace. Load steps 1-3 (6 = 0.00375, 6 = 0.005,
and 6 = 0.0075 from the original history) are scaled using the same factor. The intent of this
modification is to ensure a relatively consistent number of inelastic damaging cycles between the
SCBF and original ATC/SAC protocols. The justification for maintaining a similar number of
inelastic cycles between the SCBF and MREF histories is based on the observations that (1) once a
structure begins to yield, the period elongates so that the demands are more ground motion
dependent rather than structure (initial stiffness) dependent and (2) recent research (Uriz and
Mahin, 2004 and Tremblay, 2001) suggests that the MCE interstory drift level for SCBFs is in
the 3-5% range, which is comparable to that for MRFs. Based on this reasoning, scale factors
were developed that allowed the inelastic cycle set to increase such that (1) the number of
inelastic cycles would be preserved between the ATC/SAC and the new protocol and (2) the
largest cycles would reflect a drift level consistent with the Oycg ATC/SAC protocol. This entails
some scaling of the intermediate cycles between the yield and MCE level (dashed box in Table
2.4). Refer Figure 2.8 and Table 2.4 for details.
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Figure 2.8: Modified SAC far-field loading protocol for SCBFs shown with
original ATC/SAC protocol for MRFs

Table 2.4: Summary of loading protocol derivation
Original SAC History ~ Modified SAC History

Load Number of Peak 0 Peak A, Peak 0
Step Cycles (rads) (in) (rads)
1 6 0.00375 0.04 0.00075
2 6 0.005 0.06 0.001
3 6 0.0075 0.09 0.0015
4 4 | 0.01 0.12 0.002 |
5 2 0.015 0.61 0.01025
6 2 0.02 1.10 0.0185
7 2 ___003_ 159 _  0.02675 _
8 2 rF__ o004 238 004 I
9 2 0.05 2.99 0.05
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Figure 2.9: Schematic of a typical story within a Chevron frame

The brace deformations are related to the interstory drift angle using a simple kinematic
relationship as shown in Figure 2.9. Referring to this idealized figure, the axial deformation of a
brace (A,) is described in terms of the original length (Lg) and orientation () of the bracing
member, and the story drift of the frame (0) by the following equation:

A, =L /1+26cos Bsin f+6°sin® B -L, 2.5.1)

This relationship between the drift angle, as prescribed in the loading protocol, and brace
deformations assumes no significant flexural effects in the beam or columns. For the Chevron
bracing configuration, this assumption implies that Eq. 2.5.1 will slightly overestimate the brace
deformations, for a given drift angle, since the beam flexure will add flexibility to the system.

Assuming that the brace is oriented at 3 = 45° and an undeformed brace length of Ly =
118 (the specimen length of 10°-3” minus the 4 end plate and 1.5 fold line dimensions), the
axial deformation history for the brace can be related to the story drift loading history. For
example, this geometry implies an axial brace deformation of 0.59 inches for a story drift angle
of 0.01 radians (1% drift), i.e.,

A, =118,/14+2(0.01) cos 45" sin 45° +(0.01)* sin> 45" =118 = 0.59
A, =590

Using this relationship, the axial brace loading history is shown in Table 2.4 alongside the
corresponding drift based history. In the cyclic history, positive drift angles or axial
displacements are assumed to correspond to tensile brace loading and negative displacements to
compressive loading.
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A brief validation exercise was carried out to examine if the demands produced by the
protocol were realistic and consistent with the intent of the ATC/SAC protocol. For this purpose,
a methodology similar to the one used by Krawinkler et al. (2000) was applied. The central idea
of this is to determine if, for any absolute level of deformation, the cumulative plastic
deformation is consistent with that expected in an earthquake. Assuming cumulative plastic
rotation to be indicative of damage, the protocol enables the transfer of results from the
experiments to performance assessment of systems at similar absolute levels of deformations
during earthquakes. Since analytical results of damage accumulation in SCBF systems were not
available, the validation relies on a comparison of the cyclic damage accumulation for braces
using the modified protocol to the implied damage for moment frame connections using the SAC
protocol. Using this approach, the cumulative plastic deformations (indicative of damage) are
compared to the inelastic cyclic group number in Figure 2.10. These data show good overall
agreement in the accumulation of inelastic damage for the five brace specimen types
(differentiated by their buckling displacement) and the corresponding curve for the ATC/SAC
protocol.

30

-~ SCBF:HSS4x4x1/4
--o-- SCBF:HSS4x4x3/8
251 —— SCBF:Pipe3STD
—e— SCBF:Pipe5STD
—=— SCBF:W12x16
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Y
\
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Inelastic Cycle Group Number

Figure 2.10: Comparison of modified protocol for SCBFs
and the original protocol for a SMRF

2.5.2. Description of Near-Fault Loading Histories

To reflect demands imposed by near-fault ground motions, two loading protocols —
asymmetric compression and asymmetric tension — were used for several of the brace tests. As
with the general protocol (described previously) the near-field protocol is based on a similar one
developed in the SAC project for moment frames. These loading protocols are illustrated in
Figures 2.11 and 2.12.

As shown in Figure 2.11, the compression dominated history is identical to the ATC/SAC
near-fault protocol. However, following completion of the near-field protocol, the far-field
loading protocol (of Figure 2.8) is appended so as to extract additional information from the test
in the event that the brace survives the near-fault loading. Aside from providing data for
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validating the ductile fracture models, this subsequent loading is envisioned to represent an
aftershock earthquake that follows the first large pulse of the main earthquake fault rupture.

The tension dominated history (Figure 2.12) consists of a large monotonic pull followed
by subsequent cycles. This protocol was designed as a worst-case scenario for tension-sensitive
details such as unreinforced net-section connections at slotted ends of the brace. A similar
approach was adopted by Yang and Mahin (2005). The tension history is similar to the near fault
compression history, except that to ensure that the brace would not buckle before the main
tension pull, the tension history does not include any large compression cycles before the first
tension pull. Additionally, to ensure significant inelastic tension response during its initial
loading excursion, the amplitude of the initial tension pull is 8% drift, which is larger than the
6% drift used in the compression history.

002 L Near-Fault Appended ik
0.01 E-awv Loading Far-Field
ycles V/ History . Loading Histoly 0
=00 L) MM 1§
< -0.02 ®
g2l I 3
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Figure 2.11: Asymmetric compression near-fault history
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Figure 2.12: Asymmetric tension near-fault history

“Buckling and fracture of concentric braces under inelastic cyclic loading”, © Fell et al., 2006, All rights reserved. 20



2.6. Summary of Experimental Results

This section summarizes results from the nineteen brace tests. For each test, key limit
states are monitored, among the two most significant being the onset of local buckling and the
initiation of fracture. Other relevant data reported include the critical buckling load, maximum
tensile load, and initial stiffness. This section summarizes the key data and observations, while
the detailed hysteretic load-deformation plots for all experiments are provided in Appendix B.
Results of two tests (#1 and #2), which are generally representative of the brace behavior, are
discussed in detail in section 2.6.3; and, detailed discussion on tension dominated loading is
presented in section 2.6.4. Further discussion of the design implications of the test results is
presented in section 4.

2.6.1. Qualitative Description of Experimental Limit States

All experiments subjected to cyclic loading qualitatively follow a similar sequence of
events leading up to failure of the brace. The initial elastic cycles do not induce any visually
observable deformation in the brace. The first major limit state is brace buckling, which is
evident by large lateral deformations and accompanied by flaking of the whitewash paint due to
large strains associated with kinking at the end gusset plates and at mid-length of the brace. As
shown in Figure 2.13, localized yielding in the gusset plates and mid-point hinge becomes more
severe as the amplitude of loading increases. Subsequently, a local buckle typically forms at the
middle hinge, which triggers ductile fracture soon thereafter. The photos of Figure 2.14 are fairly
representative of the local buckling and fracture observed in most tests. Upon further cycling, the
rupture propagates in a ductile manner across the section, i.e., for square HSS, the buckled face
ruptures first followed by the sides. Finally, at some point during a subsequent tensile excursion,
the entire cross section fractures suddenly, severing the brace.

R Plastic hiné
local buckles

Figure 2.13: Gloal buckling, local bukling, and gusset yield line
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limit states of the experimental cross sections

2.6.2. Summary of brace performance for all tests

Table 2.5 summarizes the measured stiffness and peak resistance of each brace specimen,
including comparisons to calculated values based on the AISC design requirements. Table 2.6
summarizes data describing deformation indices corresponding to the four limit states of global
buckling, local buckling, fracture initiation, and strength loss of the member. Results in these two
tables provide a means to compare and contrast the influence of various design parameters and
are referenced in discussions later in the report. The drift indices reported in Table 2.6 for global
buckling correspond to the point at which the critical compressive load is reached, whereas data
for the other limit states are presented in terms of the maximum drifts sustained by the member
before the limit state event was observed. For example, the drift corresponding to fracture
initiation is the maximum drift sustained prior to this event, which could be larger than the drift
at which the fracture occurred during reverse cyclic loading. This permits the use of the simple
drift index to track these results, as opposed to a more complex damage index that employs some
type of cyclic counting scheme, which would be somewhat subjective and less intuitive than the

“Buckling and fracture of concentric braces under inelastic cyclic loading”, © Fell et al., 2006, All rights reserved. 22



simple drift index. More complete data on the exact instants of the limit state events for each test
are summarized in Appendix B.

Referring to Table 2.5, in general the measured initial elastic stiffness was within 7% of
the calculated value of EA/Lg, where the differences are primarily due to resolution of the
measurements and non-ideal end connections. The measured tensile resistances at 2% story drift
(corresponding to design level drift) were about 11% larger than the expected yield strength,
where the latter is calculated using nominal values for RyFyA,. The measured maximum tensile
strengths were about 15% larger than the expected yield strengths and about 6 to 8% less than the
expected ultimate strengths (R{F,A,). Thus, while the expected yield and ultimate strengths
bracket the measured peak strength, the tensile resistance exceeds the expected yield strength
over most of the inelastic loading histories. In the most extreme case, the measured peak
response was 25% larger than the expected yield strength (Test #15). Test #8 and 10 were not
reinforced at the net section and, consequently, failed at the net section during a tension
dominated near-field loading history. The measured compressive strengths ranged from about 1.0
to 1.7 times the expected compressive strengths, where the latter are calculated using nominal
expected values of RyF, in the AISC column curve.

Referring to Table 2.6, the drifts corresponding to brace lateral buckling (global buckling)
ranged from 0.2% to 0.35% for the tests with cyclic far-field loading. While member slenderness
and concrete fill (Test #17) had some influence on the buckling drifts, the differences observed in
Table 2.6 are not significant. For the compression dominated near-field loading (Tests #2, 14,
and 18), the buckling drifts increased to about 1% to 1.3%, indicating the extent of cyclic loading
effects on the buckling drift. The buckling drifts for tests (#9 — 11 and 16) with tension
dominated near-field loading are listed in Table 2.6 for completeness but otherwise are difficult
to interpret. There were larger differences between tests for the onset of local buckling, which
indicates the sensitivity of the local buckling limit state to cross sectional shape and width-
thickness ratios. For the cyclic far-field loading, the drifts at local buckling ranged from 1.9% to
5%, where the larger resistance occurred in the more stocky HSS sections and the pipe and W-
section. Comparing Tests #1 and 17, while the concrete fill postponed local buckling in the HSS
sections, the difference was not as significant as for some of the other parameters. Tests #1 and
19 showed the lowest drift level sustained prior to local buckling (1.85%) due in part to the large
width-thickness ratio and the unsymmetrical buckling observed in Test #19 (more details on
these aspects are discussed in chapter 4). As observed with overall buckling, the onset of local
buckling occurred at larger drifts in the specimens subjected to compression dominated near-fault
loading. In general, fracture initiation and strength loss closely followed the local buckling, and
the trends with regard to drift endurance values are similar for these except that the differences
between far-field and near-fault loadings were not as significant as with global or local buckling.
For the far-field and compression dominated near-fault loadings, fracture initiation and loss of
strength occurred at about 2 to 8% drift angles. Tests with the tension-dominated near fault
loading generally had larger fracture endurance, largely because the local buckling was delayed
by the tension loading.
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2.6.3. Observations of Typical Brace Buckling Behavior

Referring to Table 2.1, Test #1 featured an HSS4x4x1/4 subjected to the far-field loading
history shown in Figure 2.15a. Figure 2.15b shows the corresponding hysteretic load-deformation
plot of this test. The key limit states of global buckling, local buckling, fracture initiation and
loss of tensile strength due to fracture are indicated on both figures. Figure 2.15a shows both the
axial deformation of the brace and the corresponding drift (related by Equation 2.5.1) to facilitate
a more appropriate correlation of each limit state to a system performance level.

Global buckling is defined as the first point during a compressive excursion that the peak
compressive load of the brace is reached. Local buckling is defined more subjectively as a visible
distortion in the cross sectional shape. Referring to Figure 2.15a, for Test #1, local buckling was
observed at cycles corresponding to a story drift level of 1.85%. Fracture initiation is documented
in a similar manner to local buckling by visually observing metal rupture on the surface in the
region of the plastic hinge. For Test #1, initial ductile crack initiation (fracture) occurred at a drift
of 1.7% during a cycle set with a maximum amplitude of 2.7%. Strength loss in tension is
marked by a sudden drop in load due to fracture and significant loss of cross sectional area. This
is the most apparent limit state indicated on the hysteretic plot in Figure 2.15b. For Test #1,
strength loss occurred during the same set of cycles (amplitude of 2.7%) as the initial fracture, at
a drift of 2.5%. This type of information is summarized for all the experiments in Table 2.6,
which is referred to in subsequent sections (especially in Chapter 4).

Other relevant properties, such as initial stiffness, buckling displacement, and strength in
tension and compression, are summarized in Table 2.5. For Test #1, the values are labeled on the
force deformation plot of Figure 2.15b. The AISC (2005) values for strength, along with
analytical values for stiffness and displacements are included in Table 2.5. For example, Test #1
had a measured maximum tensile resistance of 247 kips and measured compressive resistance of
157 kips, whereas the corresponding values calculated as per AISC are:

R,E A, =1.4(46ksi)(3.37in?) = 217 kips
R F,A, =1.3(58ksi)(3.37in?) = 254kips
P, =F A, = (30.8 ksi)(3.37 in®) = 104kips

F " .
)= &\/: _ 1OAI8Y | 46ksi ) o¢ (inelastic)
o VE  m(1.52") \ 29,000 ksi

E, =F,0.658" =30.8ksi

The estimated critical buckling loads presented in Table 2.5 use Ry to account for the increase in
yield stress from the minimum specified value to the expected value:
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Figure 2.16a and 2.16b depict the equivalent response and limit states of an HSS4x4x1/4
specimen subjected to a near-fault compression dominated loading history (Test #2). The figures
show that local buckling occurred during the first large compressive pulse of the cyclic history (at
a drift of 2.5%). However, the brace cycled at a residual drift of 3% for the remainder of the test,
and as a result, delayed fracture because tensile strains were kept small at this residual
compressive drift level. Figure 2.16b also shows that the compressive buckling load decreased

substantially (157 to 119 kips) compared to Test #1 due to considerable brace elongation and
yielding during the first pull to 2%.
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Figure 2.15a: Displacement history for Test #1
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Figure 2.16a: Displacement history for Test #2

250
Maximum Tensile Load — [’/
200 P i = 249 kips
Elastic Stiffness
. = 930 kfin
150
Strength / K
Loss
» 100
5 Fracture : (-0-3%) \
= Initiation
8 = (-1.1%) \ \
e o Z /?
'_—é\ /
50 Local pa |
Buckling \\
100 (-2.5%)
Critical Buckling Point ——=/
. P, =119kips, 6 =1.0%
] -4 0

-3 -2 -1
Axial Deformation (in)

Figure 2.16b: Force vs. displacement history for Test #2

“Buckling and fracture of concentric braces under inelastic cyclic loading”, © Fell et al., 2006, All rights reserved.

25



2.6.3. Observation of Typical Net-Section Tension Fracture

Tension dominated near-fault tests of the PipeSTD and wide-flange sections (Tests #8 —
11 and 16) provide data on the fracture performance of the net section at the connection. This is
in contrast to the other specimens, such as the HSS sections with net section reinforcement or the
compression dominated pipe and wide-flange tests, where fracture at the net section was not a
critical limit state. The unreinforced net sections of the PipeSTD and wide-flange connections
proved to be quite ductile and failed at drifts that exceeded the anticipated performance. For
example, the Pipe3STD and Pipe5SSTD bracing members with unreinforced net sections fractured
at drifts of 5.0% and 6.4%, respectively. The PipeSTD members with reinforced net sections and
the W12x16 specimen sustained monotonic tensile drifts of 8.0% without fracturing.

The large deformations observed in Tests #8 — 11 and 16 are reassuring, given that the
maximum measured tensile strengths were significantly larger than the expected yield strengths
(RyFyAy) of the braces. For example, the ratio of measured maximum forces to the calculated
expected yield strengths are as high as 1.25 in Test #16 (W12x16 subjected to a tension near-
fault history) and 1.21 in Test #12 (PipeSSTD during tension near-fault) and #18 (concrete-filled
HSS4x4x1/4 during far-field loading). However, from a connection design perspective, this high
ratio might produce large tensile demands in the connections. In this context, it is important to
note that while the maximum tensile force, measured at drifts as large as 4-5%, may exceed the
expected seismic demands for SCBFs, it may be more appropriate to compare the expected yield
strength to the measured forces at drifts of 2%, which has previously been suggested as a more
appropriate design basis for SCBF systems (Uriz and Mahin, 2004). The ratios of the measured
strengths at 2% drift to the expected yield strengths are 1.09 and 1.16 for Tests #12 and #16,
respectively. Note that with the exception of Test #18, the maximum measured strengths are all
less than the calculated expected ultimate strengths (R{FuA). The design implications of these
data are discussed further in section 4.4.
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Table 2.5: Measured and Calculated Stiffness, Resistance, and Displacement

Stiffness Tensile Resistance Compressive Resistance -Buckhng
Displacement
| | | | | | | | | | |
Test Bracing Meas. : Calc. : Ratio | Meas. : Meas. : Calc. : Calc. : Ratio : Ratio : Ratio | Meas. : Calc. : Ratio | Meas. : Calc.
# Member | | | | | | | | | | i
Kem) : Koo : Km) Prax : P34, iPy,eXPi Puexp : P : Py : P Pemax : Per.exp : P max Oc.max : Pcr,exp
(k/m)i (kfin) K, (k) | (k) | (k) | (k) Py | Py | Prey (k) | (k) P, (%) | 059K,
1 HSS4x4x1/4 | 928 | 832 | 1.12 | 247 | 247 | 217 | 254 | 114 | 1.14 | 097 | 157 | 123 | 128 | -03 | -0.25
2 HSS4x4x1/4 | 930 | 832 | 1.12 | 249 | 249 217 ! 254 ! 115 | 1.15 1 098 | 119 | 123 | 097 1.0 | -025
3 HSS4x4x1/4 | 910 i 832 | 1.09 | 255 i 255 i 217 i 254 i 118 i 1.18 i 1.00 | 161 | 123 i 131 | -034 i -0.25
4 HSS4x4x3/8 | 1236 : 1180 : 1.05 | 348 : 348 : 308 : 360 : 1.13 : 1.13 : 097 | 18 : 159 : 1.17 | -029 : -0.23
5 HSS4x4x3/8 | 1051 i 1180 | 0.89 | 362 i 362 i 308 i 360 i 1.18 i 1.18 i 1.01 184 1 159 | 1.16 | -033 1 -0.23
6 Pipe3STD 583 | 546 | 1.07 | 132 7 129 | 125 . 161 | 106 : 103 | 0.82 | 80 | 54 | 150 | -027 ; -0.17
7 Pipe3STD# 575 | 546 1 1.05 | 130 ! 128 ' 125 | 161 ! 1.04 | 1.02 ! 081 84 | 54 1 157 |-027 ! -017
8 Pipe3STD#* | 603 i 546 i 1.10 | 144 | 135 i 125 i 161 i 115 i 1.08 i 089 | NJA i N/A | NA | NJA i N/A
9 Pipe3STD 601 ! 546 ! 1.10 | 149 ! 136 ! 125 ! 161 ! 1.19 ! 1.09 ! 0.93 57 L 54 ! 116 | 7.0 | -0.17
10 Pipe5STD#* | 1124 i 1052 | 1.07 | 279 i 254 i 241 i 310 i 116 | 1.05 i 090 | N/A | N/A i NA | NJA i NA
11 Pipe5STD 1162 | 1052 | 1.10 | 292 | 262 | 241 | 310 | 1.21 | 1.09 | 094 | 127 | 174 | 073 | 68 | -0.28
12 Pipe5STD# | 1083 | 1052 | 1.03 | 243 | 237 | 241 | 310 ! 101 | 098 | 078 | 177 | 174 | 101 | 03 | -0.28
13 Pipe5STD 1107 i 1052 | 1.05 | 241 | 241 ; 241 ; 310 | 1.00 ; 1.00 ;{ 078 | 181 | 174 | 1.04 | -03 | -0.28
14 W12x16 1223 | 1153 | 1.06 | 287 ! 287 | 259 ! 337 ! 1.1 ! 1.11 ! 0.85 92 ! 56 ! 165 13 |  -0.08
15 W12x16 1136 1 1153 1 099 | 286 | 286 i 259 i 337 i 1.10 i 1.10 | 0.85 93 i 56 i 167 | -0.16 i -0.08
16 W12x16 1184 | 1153 | 1.03 | 323 | 300 ; 259 | 337 | 125 | 1.16 | 096 | 75 | 56 | 134 | 72 | -0.08
17 | HSS4xdx1/4** | 941 ' 832 | 1.13 | 257 | 257 | 217 ! 254 | 1.18 | 1.18 ! 1.01 194 ' 123 | 158 | -036 | -0.25
18 | HSS4xdx1/4*+ | 949 | 832 | 1.14 | 263 | 263 | 217 | 254 | 121 | 121 | 104 | 136 i 123 | L.11 09 | -025
19 | HSS4x4x1/4## | 937 | 832 ! 1.13 | 249 ! 249 ! 217 ! 254 ! 115 ! 1.15 ! 098 | 163 ! 123 ! 133 | -035 ! -0.25
Mean i 1.07 Mean i 1.14 i 1.11 i 092 Mean | 1.27
Median | 1.07 Median | 1.15 | 1.11 | 094 Median | 1.28
c ! 0.06 s | 007 ! 007 ! 0.08 c | 026

*failure at net section (otherwise at midpoint); #reinforcement not provided at the net section;

**concrete filled; ##reinforcement at midpoint
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Table 2.6: Experimental limit states — defined per maximum drift — see Appendix B for exact locations

Global Buckling | Local Buckling | Fracture Initiation Strength Loss
Test # Bracing Member | Loading History Drift (%) Drift (%) Drift (%) Drift (%)
1 HSS4x4x1/4 FF 0.3 1.85 2.68"Y 2.68"Y
2 HSS4x4x1/4 NF (C) 1.0 2.5 6.0 6.0
3 HSS4x4x1/4 FF (EQ) 0.34 2.1 2.1 2.1
4 HSS4x4x3/8 FF 0.29 5.0 5.0 5.0
5 HSS4x4x3/8 FF (EQ) 0.33 4.3 4.3 4.3
6 Pipe3STD FF 0.27 5.0 5.0 5.0
7 Pipe3STD# FF 0.27 5.0 5.0 5.0
8 Pipe3STD#* NF (T, EQ1) N/A N/A 5.0 (Monotonic) 5.0 (Monotonic)
9 Pipe3STD NF (T, EQI1) 7.0 8.0 8.0 8.0
10 PipeSSTD#* NF (T, EQ1) N/A N/A 6.4 (Monotonic) 6.4 (Monotonic)
11 PipeSSTD NF (T. EQI) 6.8 8.0 8.0 8.0
12 PipeSSTD# FF 0.3 2.68 2.68 4.0
13 Pipe5SSTD FF 0.3 2.68 2.68 2.68
14 W12x16 NF (C) 1.3 6.0 6.0 6.0
15 W12x16 FF 0.16 5.0 5.0 N/A
16 W12x16 NF (T) 7.2 8.0 8.0 8.0
17 HSS4x4x1/4%* FF 0.36 2.68 2.68 3.6
18 HSS4x4x1/4%* NF (C) 0.9 7.9 7.9 7.9
19 HSS4x4x1/4## FF 0.35 1.85 1.85 1.85

*failure at net section (otherwise at midpoint); #reinforcement not provided at the net section; **concrete filled; ##reinforcement at midpoint, EQ - entire test was

performed at an EQ rate; EQ1 - only first large pull was performed at an EQ rate; FF - Far-Field; NF -Near-Fault;

(ex): The figure below shows the actual locations of the limit states for Test #1 (identical to Figure 2.15a). However, the above table reports the maximum
sustained drift before each event (except for global buckling). For example, the largest drift that the brace experienced without local buckling (LB) was the first
push to 1.85%; similarly the largest tensile drift sustained prior to fracture initiation (FI) was the first pull to 2.68% and since strength loss (SL) occurred on the

same ramp, an equivalent maximum drift is reported. The exact instants when these limit states occurred can be found in Appendix B.
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3. Introduction to continuum-based
fracture and fatigue predictive models

This section provides a brief overview of
the micromechanics-based models for fracture and
fatigue that the brace tests aim to validate. The
approach relies upon continuum finite element
analyses to characterize the localized stress and
strain states due to global and local buckling.
These stress and strain data are input to the
proposed fracture model, which accounts for the
effect of triaxial stress on plastic strain capacity and
the cyclic accumulation of damage. In this chapter,
the motivation for developing micromechanics-
based fracture models is introduced, followed by an
example to illustrate their application and accuracy,
relative to the brace test data. Finally, instances are
examined where the models can be used to develop insights into localized effects that cause
fracture (Figure 3.1) and extend the results of the nineteen brace tests presented in this study. The
fracture simulation models provide a powerful tool for conducting parametric studies through a
wide range of brace properties that affect ductility and fracture performance. These parametric
studies can be used to identify more comprehensive trends and generate guidelines for the design
and detailing of SCBFs and other systems.

Figure 3.1: Buckled Shape of HSS brace

3.1. The Need for Fundamental Physics-Based Models to Predict Fracture and Fatigue in
Steel

Prevailing approaches to characterize fracture/fatigue performance of braced frame and
other structural components are based mostly on empirical or semi-empirical methods. For
braces, previous research has relied on critical longitudinal strain measures, or cycle counting and
fatigue-life approaches (Tang and Goel, 1989). Recent studies (Uriz and Mahin, 2004) have
applied similar techniques through fiber-based elements to simulate localized fracture strain
demands at a fiber within a cross section. While these approaches represent important advances
in the fatigue-fracture prediction methodology for structures, they do not directly incorporate the
effects of local buckling or the complex interactions of stress and strain histories that trigger
crack initiation in these components. Consequently, large-scale testing is still required to
characterize the fracture performance of these details (Herman et al., 2006).

In part, the dependence on simplistic or semi-empirical, experiment-based approaches can
be attributed to the lack of computational resources required to simulate phenomena such as local
buckling that create localized stress and strain gradients that cause fracture. However, where
fracture is of concern, the reliance on simplistic models is primarily due to the lack of suitable
stress/strain based fracture criteria to accurately evaluate the complex interactions of stresses and
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strains. This is particularly the case when fracture occurs in structural components subjected to
large-scale yielding and cyclic loading where traditional fracture mechanics approaches are not
accurate. Moreover, many of these situations (especially those found in SCBFs) do not contain a
sharp crack or flaw, which is another necessary assumption for the use of traditional fracture
mechanics. Finally, earthquakes produce Ultra Low Cycle Fatigue (ULCF) in structures where
very few (typically less than 10) cycles of extremely large magnitude (several times yield) are
typical during the dynamic response of a building. This ULCF behavior is quite different from
low or high cycle fatigue, which occurs in bridges and mechanical components. Consequently,
continuum-based models that capture the fundamental physics of the fracture/ULCF phenomena
are required to capture the complex stress-strain interactions leading to fracture. The continuum
based models themselves are briefly presented in this report, however, a detailed discussion of
these models can be found in Kanvinde and Deierlein (2004). These models simulate the
micromechanical processes of ULCF to predict fracture from a fundamental physics-based
perspective. They are fairly general, can be applied to a wide variety of situations as they work at
the continuum level, and are relatively free from assumptions regarding geometry and other
factors. Finally, these models require inexpensive tension coupon type tests for calibration (see
Appendix A).

3.2. Comparison of Experimental Results with Continuum-Model Based Fracture
Prediction

The images shown in Figure 3.2 compare deformed shapes from finite element analyses
to those observed during the brace tests (Test #1 is shown here as a representative test). The
comparisons demonstrate the ability of Finite Element Method (FEM) analyses to simulate local
buckling and the localized regions of high stresses and strains where fracture is likely to initiate.
The FEM analyses are performed with the commercially available software ABAQUS (1998)
using continuum three-dimensional brick elements and multiaxial plasticity with large
deformations.

Since triaxiality remains fairly constant during the cyclic loading history, the critical
parameter that drives fracture is the plastic strain which is significantly amplified due to local
buckling. It is important to note that there are two components to strain amplification between
the global strain for the entire brace and the local strain that drives fracture. The first component
is associated with the amplification of global longitudinal strains due to overall bending and
global buckling of the brace. This bending strain is further amplified by the local buckling and of
the cross section. Conventional beam-type analyses where the brace is modeled as a series of
fiber-based beam column elements with an initial global imperfection (Uriz and Mahin, 2004)
can simulate only the overall bending/buckling aspects of strain amplification. Continuum
analyses (either brick or shell finite elements) are required to accurately capture the second
component of stress and strain amplification due to local buckling. These amplified stresses and
strains can then be used in physics based models to predict ductile fracture initiation in the steel
braces.
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Figure 3.2: Comparison of local buckling (left) and fracture location

Ductile fracture and fatigue in steel is caused by the processes of void nucleation, growth,
and coalescence (Anderson, 1995). As the steel material experiences a state of triaxial stress,
voids tend to nucleate and grow around inclusions (mostly carbides in mild steels) in the material
matrix and coalesce until a macroscopic crack is formed in the material. Previous research (Rice
and Tracey, 1969) has shown that void growth is highly dependent on equivalent plastic strain,
eP, and stress triaxiality, T = 6,,/C., where O, is the mean or hydrostatic stress and G, is the von
Mises stress. Assuming that voids grow when the localized triaxiality is positive and shrink when
this quantity is negative, Kanvinde and Deierlein (2004) quantified cyclic void growth —
described by the ratio of the current void size, R, to the original void size, Ry — with a modified
version of the Rice and Tracy model for monotonic loading (Eq. 3.1.1) where y is a coefficient
that can range from 1.1 to 2.3.

1n(R5J =CY [exp(yT)de! —C Y [exp(yT)del (3.1.1)
0 tensile op compressive op
cycles cycles 2

For fracture to occur, the void growth demand should exceed the void growth capacity or
critical void size Meycie. Under cyclic loading, the monotonic ductility measure, 1, decays
according to a damage law, which depends on another material parameter, Acyciic.

R
In {R_j = Neyetie = exp(— chchcep m (3.1.2)
critical

0
Since the demand (Eq. 3.1.1) and capacity (Eq. 3.1.2) are both expressed in terms of void

size, these quantities can be plotted versus cycle number on the same set of axes in Figure 3.3.
The figure depicts the evolution of the fracture prediction at the critical node (shown in Figure
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3.2) for an HSS4x4x1/4 bracing member under the far-field loading history described in section
2.5.1. It is apparent that elastic behavior is observed prior to cycle 22 after which point the
bracing member buckles globally. While the brace is far from ductile fracture initiation, this is
the first sign of inelastic behavior both experimentally (see Figure 2.15a) and analytically.
Similarly, local buckling was observed at cycle number 25.5 during both the experiment and
ABAQUS simulation. Analytically, the damage that local buckling inflicts on the critical void
size 1s marked by a significant drop in capacity (left plot of Figure 3.3) and a sharp increase in
the demand/capacity ratio (right plot of Figure 3.3).
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Figure 3.3: Fracture prediction evolution of Test #1 (HSS4x4x1/4)

Figure 3.4 compares the experimental and analytical hysteretic load-deformation curves.
Two analytical curves are shown in the Figure; one is from a continuum analysis in ABAQUS
and the second is a fiber-element-based analysis in OpenSees (2005). While both programs
accurately simulate the load deformation behavior of the brace, OpenSEES cannot model the
aforementioned local buckling modes that trigger fracture. Therefore, the stress and strain data
from the critical location (shown in Figure 3.2) at the locally buckled cross section from the
ABAQUS analysis is used to predict the time and location of ductile crack initiation (shown as a
dot in Figure 3.4). A comparison of the analytical prediction to the experimental fracture instant
(shown as an asterisk in Figure 3.4) demonstrates the accuracy of the ULCF models.
Furthermore, as evident from Figure 3.2, the simulation predicts the critical location for ductile
crack initiation with good precision.
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3.3. Future Research Using FEM and Micromechanical Fracture Criteria

As discussed earlier, one of the most important advantages offered by these ULCF
models is the insight into localized effects, and their relation to global geometric parameters that
will inform design and detailing considerations. Some examples of where these models can be
used to develop such insights are now summarized.

1. HSS cold-worked corners produce residual stresses and strains at the location of the bend
that reduce the ductility of the section. Prior to this study, the fracture that initiates at the corners
of HSS tubes was largely attributed to cold-working strains at that location. However,
continuum-based fracture models predict that high strain demands caused by local buckling,
rather than cold working, are more responsible for this type of failure. This is discussed in detail
in section 4.3.

2. The aspect ratio (width to thickness) of reinforcing plates at the net section connection
between the brace and gusset plate can be investigated by determining the ductility as a function
of this ratio. This will provide designers with more information to ensure ductile connections in
braced-frames.

3. Slenderness, width-thickness, and cross sections can be investigated through parametric
studies to establish specific relationships between the ductility of the bracing member and these
geometric descriptors. The experimental program suggests these trends; however, it is difficult to
arrive at quantitative recommendations based on a limited set of data points. The continuum-
based models can extend and generalize the set to situations beyond those that are experimentally
investigated.
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4. Design Implications

This chapter presents observations from the experimental testing program that directly
pertain to structural design considerations for SCBFs. The effects of the cross section geometry,
width-thickness ratio, buckling slenderness ratio, loading rates and histories, and other
experimental queries and findings related to the specific limit state of fracture in bracing
members are presented in a design context. The summary and Tables 2.4 and 2.5 presented in
Chapter 2 are referred to in these discussions. Upon examination of the test data, significant
trends are identified between geometric properties (such as the width-thickness of the cross
section and slenderness of the member) and the ductility of braces and connections. While
judging the observed performance of the experimental specimens (especially when improvements
are suggested over current design procedures), it may be useful to note that the current design
requirements for SCBFs (AISC, 2005) state that “braces could undergo post-buckling axial
deformations 10 to 20 times their yield deformation”. Given a yield level drift of approximately
0.3-0.5%, the Seismic Provisions could be interpreted as desiring a deformation capacity of
approximately 3-5% for SCBF systems. While this seems large, one can use this as a point for
comparison.

Each section in this chapter presents the rationale for studying a particular parameter (e.g.
width-thickness ratio) and its likely effect on brace performance. For each parameter,
observations and insights relevant to the performance of SCBF systems are then presented. Next,
results from FEM analyses and ULCF fracture predictions (where available) are used to
supplement the experimental findings to provide insights into localized effects that drive fracture
initiation, thereby presenting the findings in a more general perspective. Finally, design
implications of each of these observations are presented.

4.1. Effect of Width-thickness Ratios

As mentioned previously, fracture initiation in the central plastic hinge of bracing
elements is driven by the amplified local strains induced by global buckling and more
importantly, the local buckling of the cross section during reversed cyclic loading (see Figure
2.13). It is well established (Salmon and Johnson, 1996) that the onset of local buckling is
controlled primarily by the section compactness, as governed by the width-thickness ratio and
boundary conditions (e.g., stiffened or unstiffened) of cross section components. For the square
HSS section the governing width-thickness ratio is b/t, where b is the clear inside dimension
between the corner fillets and t is the wall thickness, for pipe the width-thickness ratio is D/t
where D is the nominal outer diameter and t is the wall thickness, and for the W12 wide flange
section the critical ratio is bg/2t;, where by is the flange width and t; is the flange thickness.

Table 4.1 summarizes the width-thickness ratios for the various cross sections and the
maximum permissible limits for the width-thickness ratios as per the AISC Seismic Provisions
(2005). The last column of the table describes the width-thickness ratio of each section relative to
these suggested limits and shows that the experimental program investigates a wide range of
width-thickness ratios relative to the current AISC limits.

“Buckling and fracture of concentric braces under inelastic cyclic loading”, © Fell et al., 2006, All rights reserved. 34



Table 4.1: Width-thickness properties of experimental braces

Cross Width- | Slenderness | Fy* Width-thickness width-thickness
section thickness (K=1.0) (ksi) Limit # AISCLimit
b E
HSS4x4x1/4 14.2 77 46 7 <0.64 FS =16.1 0.88
Y
b E
HSS4x4x3/8 8.46 83 46 ? <0.64 |— =16.1 0.53
Y
b E,
PipeSSTD 21.6 64 35| <00M->=365 0.59
Y
b E,
Pipe3STD 16.2 103 35| <00M->=365 0.44
Y
b, E
W12x16 7.5 155 50 —<03 [—=17.22 1.04
2, F,

4.1.1. Experimental Trends

*Per ASTM; #As per AISC (2005)

Lower width-thickness ratios delay formation of local buckles, which in turn delays the
onset of ductile fracture (due to the extreme strain gradients caused by the local buckles).
Observations from the experimental program reaffirm that fracture can be significantly delayed
by decreasing the width-thickness ratio of the cross section.

Test #1 and Test #4 provide a direct examination of this effect. The only difference
between the specimen tested in Test #1 (HSS4x4x1/4) and Test #4 (HSS4x4x3/8) is the width to
thickness ratios, where the HSS4x4x3/8 is significantly more compact (b/t = 8.46), as compared

to the HSS4x4x1/4 (b/t = 14.2).
In all other respects, i.e.
slenderness, loading histories
and material properties, the
specimens are almost identical
(see Table 4.1). Thus, Tests #1
and #4 can be used to directly
assess the effect of width-
thickness ratios on brace
ductility.

Figure 4.1 compares the
important events of Tests #1
and #4. Although the global
buckling (GB) drift of the two
experiments is similar, local
buckling (LB) was significantly
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Figure 4.1: Comparison of 7est #1 with Test # 4
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delayed in the more compact section. The HSS4x4x1/4 brace sustained a maximum compressive
drift of 1.85% before local buckles developed, while the more compact HSS4x4x3/8 brace
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delayed local buckling to a 5% drift, an increase in ductility of approximately 170%.
Accordingly, since the local buckles amplify strains to trigger fracture initiation (FI), the
HSS4x4x3/8 specimen survived a tensile drift of 5% without crack initiation while the less
compact HSS4x4x1/4 was only able to sustain a drift of 2.68% prior to fracture initiation. With a
fracture endurance of 5%, the HSS4x4x3/8 provides an 87% ductility increase over the less
compact HSS4x4x1/4. Strength loss (SL) occurred soon after fracture for both tests on the same
loading ramp as crack initiation.

Similar trends are observed when comparing the Pipe3STD and Pipe5SSTD, where the
25% smaller width-thickness ratio of the Pipe3STD is consistent with more ductile behavior
when compared to the PipeSSTD. Compared to the HSS tests, the PipeSTD sections provide a
less direct assessment of the effect of width-thickness given that the larger slenderness ratio of
the Pipe3STD (the more compact cross section) also contributes favorably to the ductility of the
brace.

During far-field loading, the Pipe3STD showed an 87% higher ductility (5% maximum
sustained drift) as compared to the PipeSSTD (2.68% drift). Interestingly, for the HSS
specimens, a similar increase in ductility was achieved, albeit after a much larger reduction in
width-thickness ratios (40% reduction for HSS, versus 25% for Pipe). Thus, in general, the
performance of a brace is determined by a combination of member slenderness and cross section
width-thickness ratios (Tang and Goel, 1989).

4.1.2. Design Implications

Referring to Table 4.1, both the HSS4x4x1/4 and Pipe5STD braces meet the current
provisions (AISC, 2005) in terms of both slenderness and width-thickness ratios; however, each
has a fracture and strength endurance of only 2.68% drift. Assuming a required inelastic drift
capacity of 4% (i.e., twice the design story drift of 2%, as is commonly cited in performance
testing requirements, such as for buckling restrained braces), neither of these two brace sections
provides the expected deformation capacity. The 4% limit is met by the more compact
HSS4x4x3/8 and Pipe3STD sections. This suggests that the maximum width-thickness limits in
the AISC Seismic Provisions may be unconservative and should be reduced. Considering the
idealized nature of the experimental setup to ensure precise boundary conditions and symmetric
buckling behavior, a real structure may potentially exhibit less ductile behavior due to
unsymmetrical effects (discussed in section 4.6). This further substantiates concerns that the
currently specified width-thickness limits of the AISC Seismic Provisions (see Table 4.1) may
not ensure the expected performance.

Additionally, since slenderness also governs the inelastic behavior of the member, it is
not possible to view the width-thickness ratio in isolation. In fact, one could argue that the
critical width-thickness ratio should depend on the slenderness ratio and the type of cross section
to guarantee an acceptable fracture ductility of the buckling member. One can envision that the
slenderness ratio be determined by the member or system level design considerations, while the
critical width-thickness ratio could be considered a detailing issue, and expressed as a function of
the slenderness to provide consistent ductility across various designs. For example, a more
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slender member (indicative of elastic buckling) could afford a larger width-thickness ratio limit.
To generalize such guidelines, parametric studies using the micro-mechanics based models can
be performed to investigate the appropriate combination of width-thickness and slenderness
limits for bracing members.

4.2. Slenderness Effects

In addition to the width-thickness of a cross section, the slenderness ratio (KLg/r) also
influences the performance of bracing members. As the slenderness increases, the compression
member will exhibit elastic instead of inelastic buckling. Therefore, a stockier member (low
slenderness) will show larger plastic strains at the center during cyclic inelastic buckling. Table
4.2 summarizes the slenderness data for all test specimens. The table also lists the maximum
permissible slenderness ratio for each specimen. With the exception of the W12x16 member, the
braces that were investigated as part of this experimental program were all within the slenderness
limits listed in the AISC Seismic Provisions (2005). The table also reports other miscellaneous
data, such as A and the ratio of maximum tensile to compressive loads.

Table 4.2: Slenderness properties of experimental braces

Cross Slenderness | Fy* Slenderness Limit KL, F / Ry F y
section (K=10) | (ksi) (K=10)# A= /ﬂx/ VE F,
KL fE
HSS4x4x1/4 77 46 | —2<4 FS =100 0.98 (inelastic) 1.8
r Y
KL E
HSS4x4x3/8 83 46 5<4 /FY =100 1.06 (inelastic) 1.9
r Y
KL E
Pipe5STD 64 35 | —2<4 FS =115 0.69 (inelastic) 1.4
r Y
KL E
Pipe3STD 103 35 B <4 ’FY =115 1.12 (inelastic) 2.3
r Y
KL E
WI12x16 155 50 —£<4 FS =96 2.0 (elastic) 4.6
r Y

*Per ASTM; #As per AISC (2005)
4.2.1. Experimental Trends

Of the nineteen tests performed in this experimental study, no two tests had the same
cross section with varying slenderness to enable a direct comparison based on the slenderness
ratio. However, it is apparent from the results that slenderness is a controlling design parameter
for bracing elements. For example, the most slender W12x16 showed the largest ductility across
all three loading histories compared to the other four sections. The second most ductile brace was
the Pipe3STD, which had the second highest slenderness ratio. Also, the experimental
observations confirm that for a larger slenderness, the ratio between the maximum tensile and
compressive strength increases and results in a larger overstrength factor for the system (compare
last column in Table 4.2 to Table 2.5).
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The W12x16 brace test, which exceeds both the width-thickness and overall slenderness
limits prescribed by the AISC Seismic Provisions (refer Tables 4.1 and 4.2), illustrates the effect
of slenderness on ductility. The relatively high width-thickness ratio of the W12x16 suggests a
lower ductility, while the high slenderness ratio implies elastic buckling of the brace and a higher
ductility.

Figure 4.2 depicts the significant events during Test #15 (W12x16, far-field loading
history). Immediately apparent from the figure is the ductile behavior of the brace, despite the
large bg/2t; ratio. This suggests that local buckles cannot easily activate without the presence of a
severe plastic hinge that develops during inelastic global buckling.
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Figure 4.2: W12x16 experiment (far-field)

The performance of the PipeSTD sections can also be used to illustrate the influence of
slenderness on ductility. As noted previously in section 4.1, the Pipe3STD was 61% more slender
and 87% more ductile during far-field loading. The effect of slenderness can be further observed
by comparing the far-field ductility increase of 87% to the equivalent increase described in
section 4.1 for HSS. The HSS4x4x3/8 ductility increase, relative to the HSS4x4x1/4
performance, relied on a 40% more compact section (with constant slenderness) to achieve the
87% increase, while the Pipe3STD is only 25% more compact than the PipeSSTD suggesting that
the higher slenderness of the Pipe3STD section also contributes to ductile behavior.

4.2.2. Design Implications

The W12x16 and PipeSTD tests show that elastic global buckling delays the formation of
local buckling that is directly correlated with fracture. The wide-flange showed superior
performance in terms of ductility compared to all of the other braces across all loading histories.
Although higher slenderness ratios of bracing members result in more ductile systems, and may
reduce drift demands, the negative economic aspects that accompany elastic buckling, such as
increased overstrength factors or deficient energy dissipation, suggest that slender members may
not always be desirable. Furthermore, since small slenderness ratios are unfavorable from a
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fracture perspective, a braced-frame that combines small slenderness ratios with large width-
thickness ratios should be avoided, while brace members with small width-thickness and
moderate slenderness ratios are desirable. As discussed earlier, a practical means to incorporate
the ductility enhancing effects of higher slenderness may be to establish width-thickness limits as
a function of the slenderness of the member.

4.3. Influence of Cross section

While HSS members seem to be the most commonly applied brace type in SCBFs, pipe
and wide-flange shapes hold potential advantages in terms of their fracture resistance. Moreover,
architectural factors may limit the designer in the choice of cross section. It was for these reasons
that the test matrix was designed to provide practical comparisons between these various shapes
during earthquake-type loading.

4.3.1. Experimental Trends

The previously shown local buckling modes (Figure 2.14) of the three experimental
shapes — HSS, pipe, and wide-flange — are quite different in form and consequently, their ability
to distribute the strain accumulation that triggers fracture is different as well. The qualitative
differences of these experimentally observed buckles leads to differences in the manner of
fracture in pipe and wide-flange members compared to HSS. Figure 2.14 illustrates the influence
of the local buckling shapes on the fracture initiation pattern of the three experimentally
investigated sections. Once the square HSS begin to form local buckles, the corners of the tube
have the effect of amplifying the strains induced by local buckling. While the local buckles in the
pipe and the wide-flange section also amplify the strains in the plastic hinge location, the strains
are not as severe as those in HSS, mainly owing to the differences in cross sectional geometry
and local buckling shapes.

4.3.2. Design Implications

The large number of cycles between the onset of local buckling and fracture initiation for
the W12x16 suggest that the local buckling mode shape of the W-section is somewhat less severe
than that for the other cross sections. However, it is important to note that due to the large
slenderness of the W12x16, the net plastic rotation demands at the hinge were smaller as well,
thus one cannot make a general statement regarding the superiority of the wide flange shape.
However, the pipe sections that were investigated showed more favorable fracture patterns
compared to the HSS fractures that initiated at the corners. This suggests that locally buckled
pipe sections do not lead to the sharp strain gradients seen in the HSS shapes and, therefore,
show improved performance over the HSS shapes. Even with the drawbacks that the sharp
corners of HSS present from a fracture context, based on the HSS4x4x3/8 test, HSS sections can
provide the desired performance by limiting their width-thickness ratios (see Table 4.1).

One would also expect Round HSS to exhibit the more shallow strain gradients that were

observed in the pipe sections. While Round HSS steel differs from that of pipe sections, the
absence of sharp corners would most likely lead to the more favorable distribution of strains.
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Since this was not directly investigated as part of this experimental study, one could envision the
application of the methodology discussed in Chapter 3 to Round HSS members.

4.3.3. Effect of Residual Stresses and Strains from Cold-Working of HSS Tubes

Results from several experimental studies (Tremblay et al., 2005; Shaback and Brown,
2003; and Uriz and Mahin, 2004) show localized corner fractures in square HSS, resulting in the
speculative theory that ductility is reduced due to the cold-working stresses introduced at the
corners of these tubes. An interesting finding from this investigation through the use of the
continuum-based fracture models suggest that the damage accumulated during cold working of
the steel tube does not appear to decrease the capacity at the corner enough to drive fracture
initiation at this location.

For the purpose of explanation, a Fracture Index will represent the results from the fatigue
and fracture predictive models where stress and strain histories from finite element analyses are
inputted into the ULCF model introduced in Chapter 3. This index will be used to express the
proximity to fracture of a particular material point in the brace. Fracture initiation is predicted the
instant that any point within the FEM mesh records a stress and cumulative strain state that
drives the Fracture Index to unity. Since cold working creates residual stresses and strains in the
steel, the fracture models are utilized to predict a reduction in capacity at the corner (labeled
“Node 17 at the corner of an HSS4x4x1/4 cross section in Figure 4.3) of approximately 22%
(Fracture Index = 0.78). This reduced capacity (derived from plastic strain estimates due to cold
working) at node 1 is represented by the dashed line in Figure 4.3, which describes the analyses
results for two nodes within the finite element mesh. For comparative purposes, the second node
is located at the midpoint of the cross section.

The far-field loading history discussed in section 2.5.1 is applied to the computer model
to simulate the experimental boundary conditions. The results from the cyclic fracture prediction
models (Figure 4.3) show the significant difference (far greater than the effect of cold working
stresses) between the Fracture Index of node 1 and 2, which suggests that fracture in steel tubes is
governed primarily by the demands that are created at the locally buckled corners, rather than by
the cold working strains. This supports the work of Koteski et al. (2005) that showed annealing
of steel tubes to reduce the residual stresses and strains that result from cold-working has a
negligible effect on fracture performance.
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Figure 4.3: Fracture Index versus cycle number for HSS4x4x1/4 tube

4.4. Connection Performance

Hollow bracing members are often slotted at the end for attachment with the gusset plate
(see Figure 2.4 and 4.4a). This results in a reduced area at the tip of the gusset plate where strains
may concentrate to trigger net-section type fracture. While commonly used in construction, AISC
(2005) does not permit the use of details in SCBF systems that might result in net-section type
fracture. Recent studies, including a prior Steel TIPS report (Yang and Mahin, 2005), have
suggested adding reinforcement plates at the reduced section to prevent fracture of this type (see
Figure 4.4b). While Yang and Mahin conducted multiple tests to establish that the reinforcement
plates mitigated the net-section fracture problem for square HSS, data to verify this is somewhat
sparse for other types of cross sections. In fact, only one such test exists for pipe sections (Yang
and Mahin, 2005), and no data exists for connections involving wide-flange braces and gusset
plates (Figure 4.4c). To provide further data in this regard, the study described in this report
investigated reinforced and unreinforced end details for pipe braces and end connection details
for the wide-flange brace to examine this type of behavior.

Net Section
Reinforcement
Plate

Figure 4.4: Representative brace connections of (a) Pipe5STD, (b) Pipe3STD, and (c) W12x16
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4.4.1. Experimental Trends

Five tests (Test #s 8, 9, 10, 11 and 17) were designed specifically to examine these
connection issues. These are summarized in Table 4.3 and 4.4 which show the maximum drift
demands that each specimen sustained prior to failure and the comparison between experimental
and predicted forces, respectively. The predicted maximum tensile forces are determined based
on a variety of formulas, RyFyA,, RIF,A,, and F,UA,. This is to investigate the accuracy of the
commonly used approach based on RyFyA,, and compare it to other alternatives to predict
maximum tensile brace force. An accurate assessment of the maximum tensile force is necessary
to safely design the connection region without net section fracture or weld rupture.

Four of these tests featured pipe sections, two each Pipe3STD and PipeSSTD, one
reinforced and one unreinforced. These were similar to the sections shown in Figures 4.4a and b.
The fifth test was conducted on the connection between the W12 section and gusset plate, shown
in Figure 4.4c. All the connections were detailed to prevent weld rupture under a maximum
tensile force RyFyA,. A tension dominated near-fault history (see Figure 2.12) was applied to
each of these specimens. As discussed earlier, this loading history consisted of a large tension
pulse followed by smaller cycles. The main intent of using the tension dominated near-fault
history was to subject the connection region to the most severe demands possible. The other
cyclic loading histories, with large
compression cycles, tend to localize
damage due to buckling at the
center of the brace, thereby limiting
the tensile demands that could
develop at the net section.
Therefore, it was critical to load the
specimen with a large amplitude
tension pulse before any cyclic

Figure 4.5: Pipe3STD connection performance after tensile
damage accumulated in the center. excursion of (a) unreinforced and (b) reinforced net sections

If the brace survived the first large

tension pulse, it would typically buckle and fail by fracture in the localized hinge at mid-length
on subsequent cycles. Figures 4.5a and 4.5b show the Pipe3STD with and without reinforcement
at the end of the experiments. The reinforced section shows minor yielding without fracture,
whereas the unreinforced section fractures completely.

Table 4.3 — Experimental results of bracing connections

Cross Fracture/
Test . Detail Type Failure Type Maximum
Section [
Drift
8 Pipe3STD* | Unreinforced | Net section Fracture at end 5.0%
9 Pipe3STD Reinforced Fracture in middle of brace 8.0% #
10 Pipe5STD* | Unreinforced | Net section Fracture at end 6.4%
11 Pipe5STD Reinforced Fracture in middle of brace 8.0% #
17 W12x16 NA Fracture in middle of brace 8.0% #

*Failure at net section; #Denotes maximum drift sustained without fracture at net
section. Failure occurred during the subsequent cyclic loading (refer Table 2.6 for details)
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Table 4.4 — Experimental results of bracing connections

Pmax PZ% Pmax Pmax Pmax

Test| %% | Detail Type | ™ | RFA, | RFA, | FUA, | RFUA, | RFA
Section (kips) oy oy oo Fu o fule
# # H#it it

8 Pipe3STD* | Unreinforced 144 1.15 1.08 1.40 1.17 0.89
9 Pipe3STD Reinforced 149 1.20 1.09 NA NA 0.93
10 PipeSSTD* | Unreinforced 279 1.16 1.05 1.33 1.11 0.90
11 PipeSSTD Reinforced 292 1.21 1.09 NA NA 0.94
17 W12x16 NA 323 1.25 1.16 141 1.28 0.96

*Failure at net section
#R, is 1.6 for pipe sections, 1.1 for W-section,
## R, is 1.2 for pipe sections, 1.1 for W-section (ASIC, 2005)

Referring to Table 4.3, one can readily observe that —

1. The unreinforced pipe sections exhibited net section type fracture, whereas the reinforced
pipe sections survived deformations corresponding to drifts as large as 8.0% (during the first
tensile pull of the near fault history) before buckling and fracturing at mid-length.

2. The unreinforced pipe sections fractured at deformations corresponding to drifts as large as
5.0% and 6.4% (the pipe test by Yang and Mahin sustained a drift of 4.9% prior to fracture,
assuming a similar drift-deformation relationship).

3. The wide-flange section survived a drift of 8.0% without net section fracture before buckling
and fracturing at mid-length on subsequent cycles. This may be attributed to the distribution
of strains over a large gage length provided by the weld-access holes (see Figure 4.4c¢).

Beyond the five tests described in this section, it is relevant to note that the remaining
tests, which were all reinforced HSS or pipe shapes (subjected to regular far-field or near-fault
histories), did not exhibit any distress at their connections. This confirms earlier findings by
Yang and Mabhin (2005), which demonstrated the effectiveness of the net section reinforcement.

In the current AISC Seismic Provisions (2005), maximum tensile forces for connection
design account for the common increase in yield stress of braces in tension (with respect to the
ASTM minimum specified values) by amplifying FyA, with an R, factor. The accuracy and
conservatism of this approach is questionable since the measured force demands suggest that
strain hardening plays a more significant role at increasing the force at relatively low drift levels.
An alternate (upper bound) approach could involve using the R; factor which accounts for the
increase from minimum specified to maximum expected ultimate strength (F,), thereby including
the effects of strain hardening.

It is reasonable to assume that the actual tensile demand on the connection will be
bounded by the RyFyA, and RF,A, estimates. In light of this, the experimental results are
compared to both estimates. Section 4.4.2 considers the design implications of these observations
and alternatives to estimate the maximum tensile force demand for SCBFs.
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Referring to Tables 2.5 and 4.4 —

1.

The maximum tensile forces 400 . - , : . —
predicted by the RyFyA, formula s RFA r .
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average, 20% lower than the & 300 =™ ==& xx |
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these values, and likely did not = I;J“c"“*"ée”at“fe |
afforded by the ¢-factor. 0 ; ; : ; ; ; ;

A ground motion that subjects a 0 50 100 150 200 250 300 350 400
brace to a large monotonic pull Experimental Force (kips)
prior to any global buckling Figure 4.6: R,F,A, and RF,A, predictions

seems to be a fairly uncommon

event considering the low drifts required to initiate buckling. Furthermore, analytical studies
on SCBF systems suggest that design drift levels (10% in 50 events) are approximately 2%
(Uriz and Mabhin, 2004). Therefore, if one is concerned only with design level behavior, it
might be more appropriate to compare the estimates with the peak tensile forces
corresponding to the design level (2%) drift. Applying this approach to the PipeSTD
specimens, Table 4.4 shows that the RyFyA, prediction is quite accurate and much more
conservative (reduces from 20% to 8% above experimental). The W12x16 is still quite
unconservative (reduction from 25% to 16%).

The maximum tensile forces predicted by the RyFyA, formula for the HSS braces (Table 2.5)
are, on average, 17% lower than the measured values during far-field and compression near-
fault loading histories (tension near-fault was not applied to HSS). This indicates that even
during design level response the demands are significantly under-predicted and the
connection details become solely reliant on the ¢-factor to prevent failure, thus reducing the
safety margin.

Table 4.5 lists the results for tensile coupon tests from the brace specimens and helps
explain the reason for the unconservative nature of the RyFyA, prediction for the HSS, as well
as the more accurate PipeSTD predictions at design drift levels (2%). It is apparent that the
yield stress for the PipeSTD steel (47.5 and 54 ksi) is less than the expected value according
to currently published Ry values, while the HSS yield stress (70.3 —79.5 ksi) is larger than the
maximum expected. Thus, the HSS brace steel is somewhat of an outlier, with a higher than
expected yield stress and lower than expected ultimate stress. Without further substantiating
statistical data, it is difficult to draw firm conclusions about the appropriate values and
criteria to use in design.
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4.

Table 4.5: Measured material properties from coupon tests (see Appendix A)

Specimen Steel Measur.ed Fy Measur'ed F, Measured R, Measured R,

(ksi) (ksi) (AISCR,) (AISCR)
Pome | Gop | T 0.3 L6 (1) L413)
oo | g | 703 73 L5 (1) 13013)
Pomer | Gop | T 192 L6 (1) L413)
oo | Gop | P 5.9 17(14) 15(13)
Lifgelffifal c?rSSB 240 66.8 1.5 (1.6) 1.1(1.2)
Lifgeffifal c?rSSB 475 62.4 1.4 (1.6) 1.0(1.2)

Using the RF,A, formula (AISC, 2005), based on the ultimate strength of the material,
provides fairly accurate and slightly conservative estimates of the maximum tensile capacity
of the bracing members.

The net-section capacity formula F,UA, is conservative by approximately 40% while
predicting the tensile load capacity of the member. Using R{F,UA, reduces the conservatism
of the estimate to approximately 20%.

4.4.2. Design Implications

Based on these findings, one can make some preliminary observations that have

implications regarding the design of these connections.

1.

2.

Reinforcing the pipe sections prevents fracture at the reduced section even at deformations
corresponding to extremely large drifts (= 8%)

Even the unreinforced pipes sustain fairly large deformations (= drifts of 5-6%) before
fracture. This is probably due to strong hardening observed in the pipe sections allowing for
the redistribution of stresses in the net section.

The wide-flange section, owing to the large gage length of the reduced section (length of the
weld cope hole — see Fig. 4.4c), exhibits large ductility (= 8% drift).

While the Ry factor reflects the variability in the yield point of steels, it does not reflect the
stress increase due to hardening, or the variability in the ultimate strength. While hardening
might be advantageous in terms of load capacity, it can place excessive tensile force demands
on the detail (welds or net section). Furthermore, if the steel greatly exceeds the ASTM
minimum specified yield stress then RyFyA, can under-predict the tensile demands on the
connections and, therefore, decrease the reliability of the connection. This was the case with
the HSS braces, and to some extent, the W12x16 specimens.

Rare ground motions could also create excessive demands on connections that RyFyA, can
not account for. An example of this is the near-fault tension tests on four PipeSTD braces and
one W12x16.

Across all brace tests and materials, the formula RF,A,, based on ultimate strength of the
material is found to provide an accurate (and slightly conservative) upper bound on the
tensile load capacity. Although the predictions using RF, in Table 2.5 seem over-
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conservative (6 to 12% above observed) for the far-field PipeSTD experiments, this is
explained by the fact that the yield and ultimate stresses of this steel sample are less than the
expected values.

While it is apparent that reinforcing plates are essential for ductile connection
performance, the conclusions present a designer with a difficult choice concerning the force
capacity of SCBF connections, e.g. weld detail. Several possible solutions are:

1. Design with RyFyA, as per AISC (2005). The advantage is a decreased design force when
compared to alternatives (3) and (4). The drawback is the unconservative nature of the
prediction due to rare ground motions (large pulses and events larger than 10/50), structural
response, and the statistical probability of encountering steel materials with larger than
expected yield strengths.

2. Restrict Fy on structural plans and design with RyFyA,. Again, the benefit is the smallest
design force when compared to the following alternatives. However, this could be
problematic and more expensive for fabricators since they are not able to control the steel
shipments from the mills.

3. Design with dRyFyA, where o is an amplification factor to account for hardening of the
various steels used in SCBF construction during design level or rare events. Tremblay (2002)
has employed this approach with o0 = 1.1 for HSS sections. The disadvantage is the larger
design forces that would result from this formulation and the need to research proper o
factors to be used in design.

4. Design with RFyA,. The apparent benefit of this approach is the conservative nature of the
maximum tensile demand prediction. From the perspective of this experimental study, R(F, is
the most conservative estimate, even in light of the large yield stress of the HSS steel and rare
loading conditions placed on several PipeSTD and W12x16 braces. The disadvantage is the
largest design forces of the presented alternatives.

4.5. Rate Effects

Two cyclic loading tests (Test #3 and 5) are © 4 .
conducted at high-loading rates comparable to
earthquake loading rates. High loading rates can affect
fracture  ductility  through  two  independent .
mechanisms. First, higher loading rates and the
associated high strain rates induce elevated stresses
due to rate-dependent material behavior (illustrated
schematically in Figure 4.7). These elevated stresses
may reduce ductility by triggering stress-dependent
fracture mechanisms such as cleavage. Second, the
higher loading rates do not allow thermal dissipation Figure 4.7; Schematic of increased
and cooling during loading (as would be the case in stresses due to larger strain-rate
slower tests). Consequently, the temperatures in the
regions of high localized strain can be elevated substantially in the high-rate tests. It is well
known that higher temperatures increase the ductility of steel (Figure 4.8), such that material

£ >€

v
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behavior transitions from brittle to ductile fracture with rising temperature. Therefore, increasing
the loading rates can have adverse as well as beneficial impacts on fracture ductility. The relative
dominance of these effects is a function of specimen geometry, stress constraint, the presence of
cracks, as well as material properties. Thus, without conducting experiments, it is somewhat
difficult to assess the effects of loading rates on fracture ductility. A comparison of response
under different strain rates allows for the transfer of results from typical quasi-static experiments
(that are common in literature) to earthquakes, where loading is applied at a high rate.
Experimental findings based on the tests discussed in this section confirm that for many
situations of practical interest, this is, in fact a legitimate approach.

4.5.1. Experimental Trends

Two brace specimens were subjected to earthquake rate loading that applied the far-field
loading history at a higher rate than the other experiments. The intent was to compare Test #1
L and Test #3 (HSS4x4x1/4 specimens) and Test #4 and

HSS 300x300x12 original
300 b ki Test #5 (HSS4x4x3/8) — refer Table 2.6 — to
determine if the increased strain-rate and temperature

50 affects fracture initiation.

S 200 . .
The earthquake loading rate was determined
E 150 using the approximate secant stiffness at the design
E drift and corresponding elongated period of the
2 10} chevron braced frame in Figure 2.9. These
calculations resulted in a rate of 6.0 in/sec for each
50 | loading excursion, which is 360 times faster than the

_ slow rate of 1.0 in/min used in the other tests. Note
0 that using multiple dynami 1 h
120 -100 80 60 40 20 0 20 g multiple dynamic analyses to capture the
Temperature (°C) exact earthquake rate 1is time intensive and
Figure 4.8: Charpy-v-notch curves unnecessary in the context of this investigation; rather
(Koteski et al., 2005) using a rate that is approximately the same magnitude
of a realistic event serves the purpose of this project
by presenting a sufficient comparison of performance between quasi-static and real time testing.

Unfortunately, the actuators could not be controlled accurately at the high loading rate,
resulting in over-shooting of the displacement limits. The inconsistent displacement limits make
it somewhat difficult to judge if the increased strain rate or temperature in the region of fracture
had a substantial effect on the performance of the brace. However, after both experimental
histories are input into an FEM model of the brace and fracture initiation is predicted with the
ULCF models (described in chapter 3), the resulting deviations between the prediction and the
experiment are essentially the same for both tests. Therefore, within the precision of the models,
rate effects do not seem to affect fracture significantly.

Additionally, with reference to Charpy-V-Notch curves (shown in Figure 4.8 for

HSS12x12x1/2 specimen from work of Koteski et al., 2005), the authors believe that the flaw-
free geometry of the braces, due to their low-stress constraint would result in ductile, upper-shelf
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behavior, rather than brittle behavior. To support this claim, thermo-couples were placed at the
midpoint and at locations slightly offset from the midpoint to observe the manner of thermal
dissipation during slow and fast rate loading. The maximum recorded temperature on the surface
of the HSS4x4x3/8 brace for an earthquake rate test was 200°F compared to the 91°F reading
during the slow HSS4x4x1/4 test. This data is supplied more for a qualitative perspective to
support the conclusion that loading rate does not influence fracture initiation in the braces. Since
the Charpy curves plateau after a critical temperature (i.e., between -40°C (-104°F) and 20°C
(68°F) in Figure 4.8) is reached, moving from 91°F to a recording of 200°F does little to affect
the ductility of fracture in the brace.

4.5.1 Design Implications

The comparison between fast and slow strain rate tests shows that quasi-static testing can
appropriately reproduce the fracture response of flaw-free structures during earthquake rate
loading. Therefore, these tests may be used to support other previous and ongoing experimental
work that typically uses quasi-static testing.

Furthermore, for the flaw-free geometry of SCBF braces the increased rate effect does not
have a significant, observable impact on cyclic ductility. This allows extrapolation of the
micromechanical-based models to predict fracture of full-scale members and connections during
actual seismic events.

4.6. Effect of Unsymmetrical Buckling

Several of the experiments performed during this testing program showed unsymmetrical
buckling patterns involving formation of a plastic hinge away from the center of the brace. This
behavior led to a loss of ductility when compared to members that demonstrated symmetric
buckling. This may be due to the larger strains that are developed (due to the kinematics) when
the plastic hinge is not at the center of the brace.

4.6.1. Experimental Trends

To serve as a control, Test #6 and Test #7 are essentially identical Pipe3STD specimens
that showed fracture initiation on the same tensile ramp and both formed local buckles at the
midpoint of the member (see Table 2.6).

On the other hand, the comparison between Test #12 and Test #13 — both Pipe5STD
braces subjected to far-field loading — show unsymmetrical buckling of the brace in Test #13 and
also a lower fracture ductility compared to Test #12 which survived an additional cycle at 2.68%
drift and buckled symmetrically. This unsymmetrical buckling can likely be attributed to minor
fabrication imperfections or boundary condition changes in the experimental setup and was not
expected prior to the tests.

To further investigate this response, Test #19 had two 18” reinforcing plates welded at the
center to the top and bottom (non-buckling faces) of the brace to deliberately induce
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unsymmetric buckling. In all other respects, the specimen was similar to Test #1. As expected
from the Pipe5STD comparison, the ductility decreased by 31% from a maximum sustainable
drift before fracture of 2.68% in Test #1 (symmetric) to 1.85% in Test #19 (Figure 4.9). The
welded attachment is not believed to influence fracture substantially (other than by causing the
non-symmetric buckling pattern) since fracture initiation began approximately two inches from
the end of the reinforcing plate (see Figure 4.9).
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Figure 4.9: Test #1 and Test #19 (bottom picture) comparison

4.6.2. Design Implications

The comparison of Tests #1 and 19 highlight the extent to which non-ideal conditions
may affect the response, which is an important point to be considered while interpreting test
results from specimens that are idealized representations of conditions in actual buildings. As
demonstrated in this comparison, imperfect boundary or loading conditions that lead to
unsymmetric buckling will likely cause larger localized strain demands as compared to those in
idealized cases where hinges form in the middle of the brace. The larger strain demands will in
turn hasten the onset of fracture. The extent to which these non-ideal conditions will impact
actual building response is uncertain. The extent to which unloaded attachments, such as the
plates in Test #19, can affect response supports the requirement of a protected zone that is
currently in the code for design (AISC, 2005) of SCBF systems which guards the lateral load
resisting elements against nonstructural factors that could change or hinder the desired response.

4.7. Concrete Filled Braces

Previous experimental investigations have shown that concrete filled tubes may exhibit
higher ductility and withstand more cycles of reversed loading compared to their equivalent
hollow sections (Liu, 1988). This is due to the ability of the confined concrete inside the tube to
delay local buckling and the accumulation of strain that drives fracture initiation. Even when
local buckling occurs in concrete-filled tubes, the tubes tend to buckle outward because of the
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presence of the concrete, and the longer buckle-wavelength associated with this mode may
reduce the strain demands in comparison to the short wavelength inward-buckling for unfilled
tubes (see Figure 4.10).

Long wavelength, Short wavelength,
Small strains Large Strains
.
N rd
a . . X
> . v >3 \\ //
v 4 S e

Figure 4.10: Schematic comparison of concrete filled
HSS tube local buckle (left) to hollow section

4.7.1. Experimental Trends

Two HSS4x4x1/4 braces were filled with high strength cement (f.” 6-8 ksi) to investigate
the effect on performance. One of the concrete specimens (Test #17) was subjected to a far-field
loading history and is compared with the results from Test #1 while the other (Test #18) was
subjected to a compressive near-fault history and compared with Test #2. These specimens were
similar in all other respects.

During Test #17, the largest sustained tensile drift was a 2.68% drift, which is also the
largest sustained during Test #1 suggesting that the concrete fill does not benefit performance
(Appendix B shows that even though the maximum drift levels are the same, the concrete filled
tube fractures on the subsequent tensile excursion after the hollow tube in Test #1). However,
since Test #1 with the hollow section formed the local buckle at the midpoint, the discussion
presented in section 4.6 suggests this may not be a consistent comparison due to the influence of
the more pronounced unsymmetrical buckling that occurred with the concrete filled tube shown
in Figure 4.11. Nevertheless, these data do call into question the effectiveness of concrete fill to
improve brace response.

The comparison of the concrete filled tube to the hollow tube subjected to near-fault
compression histories (Test #2 versus Test #18) shows a significant increase in ductility (see
Table 2.6 or Appendix B).

4.7.1. Design Implications

From a construction perspective, concrete-filled tubes present logistical challenges for
general contractors and their subcontractors. However, previous research has suggested that
concrete fill can delay local buckling and hence fracture. The two tests conducted with concrete
fill in this program were inconclusive as to whether there is a distinct improvement in response
with concrete fill. On the one hand, the tests under far-field loadings did not show much
improvement with fill, whereas the tests conducted under a pulse-like near-fault response did
show an improvement. However, the advantages that concrete filled steel tubes present may be
achieved by using more compact sections to delay local buckling or alternative cross section
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shapes (pipe or wide-flange) that delay fracture. For example, section 4.1 illustrated the effect of
a lower width-thickness ratio on the more ductile HSS4x4x3/8 compared to the HSS4x4x1/4.

Figure 4.11: Outward local buckling (left) and fracture in a concrete filled tube

S. Summary

This report presents findings and design implications based on nineteen large scale tests
of bracing elements subjected to earthquake type cyclic loading. The research described is part of
a NEESR (Network for Earthquake Engineering Simulation and Research) project that aims to
validate fundamental fracture and Ultra-Low Cycle Fatigue (ULCF) models for steel structures.
This report focuses specifically on the practical design implications of the experimental program.

The experiments feature brace specimens detailed as per current code, and subjected to
various types of cyclic loading histories designed to replicate realistic seismic demands. The
testing matrix included a diverse blend of parameters including cross section width-thickness,
slenderness, type of cross section, loading history, loading rate and special details such as
concrete filled braces. Various limit states, such as local buckling, fracture initiation and loss of
strength were monitored, and related to system level drift levels.

The braces subjected to cyclic loading failed due to fracture at the center, which was
triggered by strains highly amplified due to local buckling. Consequently, cross section width-
thickness ratios were found to strongly influence brace ductility for all cross sections, and higher
width-thickness ratios resulted in a severe decrease in ductility. Importantly, in some experiments
with low slenderness ratios, current AISC limits for width-thickness ratios could not ensure
acceptable performance, resulting in fracture at unacceptably low drift deformation levels (2-3%
drifts).

Apart from width-thickness, slenderness was determined to be another important factor
affecting brace fracture, in that more slender braces suffered relatively lower levels of
inelasticity, delaying fracture. In fact, fracture itself was found to be governed by a combination
of slenderness and width-thickness. For example, the wide-flange section with an undesirable
width-thickness ratio exhibited excellent ductility, likely because of its high slenderness.
However, large slenderness can reduce energy dissipation in the brace, and place excessive
tensile demands on connections (due to overstrength). Since brace slenderness is a system level
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design variable, it might not be feasible to provide large slenderness with the sole intent to
prevent fracture. On the other hand, the beneficial effects of large slenderness may be leveraged
to adjust limits on width-thickness ratios, recognizing that fracture is in fact governed by a
combination of the two factors.

In addition to slenderness and width-thickness, various other factors were considered. Of
these, the type of cross sectional shape (HSS, pipe or wide-flange) was found to affect ductility.
The square HSS were found to be particularly susceptible to fracture due to their specific local
buckling shape, which greatly amplifies strains at the corners. In contrast, the pipes and wide-
flange showed more gradual local buckling shapes resulting in greater ductility. Filling the braces
with concrete resulted in a somewhat larger ductility in one of two tests, but given the logistical
challenges to this, one could achieve similar levels of ductility by using either a more compact
shape or an alternate cross section. Rate effects were examined and determined to be relatively
unimportant, especially for the flaw-free braces discussed herein.

Connection performance regarding net section fracture at slotted brace-ends was
investigated by subjecting these to tension dominated near-fault loading histories with a large
initial tensile pulse. These tests, conducted for pipe sections and one wide-flange section,
confirmed previous findings that net section reinforcement increases ductility substantially and
prevents fracture at the connection. In fact, for the pipe specimens, the large difference between
yield and ultimate strengths resulted in large ductilities even for unreinforced connections.
Overall, the variations in the expected versus nominally specified material properties
demonstrate the degree to which the net section fracture response may differ between different
structures. The test data did confirm that the expected yield strength (RyFyA,) and the expected
ultimate strength (RF,A,) tend to bracket the maximum measured strength fairly well.

While not discussed at length in this report, the experimental study was successful in its
primary aim, which was to validate the micromechanics-based fracture and fatigue models. These
models can be used to understand localized fracture effects and to generalize the findings of the
experimental study with parametric analytical studies. Examples that demonstrate such use of
these models are provided in this report. These advances in modeling, along with future research
focusing on weld metals, will reduce the reliance on experiment-based research and provide a
useful research tool for studying design requirements for fracture-critical structures.
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Appendix A: Material Properties

Material properties used in the continuum-based
and line element models of the braces, as well as in the
fracture initiation predictions, were determined by
extracting small-scale test specimens from representative
sections that the steel fabricator provided. Longitudinal
coupons were extracted from both PipeSTD sizes, while
center and corner coupons were extracted from HSS
specimens (Figure A.3 and A.4). Coupons were not

extracted from the W12x16 specimen. However, the |

work of Kanvinde and Deierlein (2004) provides accurate
material data for the steel that is commonly used in wide-
flange sections and the authors plan on verifying this data
with coupons from the fractured full-scale specimens.

Figure A.2 shows the dimensions of the tensile

coupons that were used to determine the uniaxial stress-
strain constitutive relationships.

r0.10 (Diameter)

N

i

Material

coupon

Figure A.1: Experimental setup

J

¥

-1 .004ﬂ

0.20
v

~N
1.50—»’471 .00

Figure A.2: Coupon geometry (dimensions in inches)

—_———

All specimens were tested monotonically to fracture under displacement control. The load
was measured using a 3-kip load cell while the strain was measured using an extensometer with
initial gage length of 1.0” (Figure A.1). To determine the ductility of the material, the diameter of

the necked fracture surface was measured and compared with the initial diameter.

The results from the tensile coupons are summarized in Table A.1. Plots of typical stress-
strain behavior from the HSS and PipeSTD coupons are shown in Figures A.3 and A.4,

respectively.
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Engineering Stress (ksi)

Table A.1: Material properties from monotonic coupon testing

Elastic Yield Ultimate | Fracture | Hardening
Specimen Steel Modulus, | Stress, Stress, Strain, Exponent,
E (ksi) | F,(ksi) | F,(ksi) | e (in/in) n
HSSaxax4 | w500 Gr.B | 29300 73.5 80.8 0.11 0.05
Corner
HSSaxax14 | 500 Gr.B | 30900 70.3 743 0.13 0.05
Center
HSSax4x3/8 | 500 Gr.B | 29400 73.5 79.2 0.09 0.05
Corner
HSSax4x3/8 | w500 Gr.B | 27100 79.5 88.5 0.11 0.04
Center
Pipe3STD |y s36e B | 31500 54.0 66.8 0.20 0.11
Longitudinal
PipeSSTD |\ 53 5r B 31400 475 62.4 0.15 0.13
Longitudinal
100
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Figure A.3: Monotonic stress-strain plot for HSS coupons
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Figure A.4: Monotonic stress-strain plot for PipeSTD coupons

“Buckling and fracture of concentric braces under inelastic cyclic loading”, © Fell et al., 2006, All rights reserved.

0.25

55



Appendix B: Experimental Hysteretic Plots and Backbone Curves

experimental results to validate the methodology.

Figure B.1 illustrates the loading histories and load-deformation plots for each of the
nineteen braces. The significant limit states are reported on each figure, while the stiffness and
maximum tensile and compressive forces are shown on the hysteretic plots. The test numbers
correspond to Table 2.1 and titles are also provided in this section to distinguish and compare the
specimens, loading histories, and other experimental attributes.

Theoretical backbone curves for simulation are developed. These depend on fundamental
material properties as well as geometric properties of the cross section and the bracing member.
For several experiments, these nonlinear tension and compression backbones are compared to the
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Figure B.1: Experimental hysteretic plots (continued on next page)
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Test 3: HSS4x4x1/4 (Far-Field-EQ)
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Figure B.1: Experimental hysteretic plots (continued)
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Test 6: Pipe3STD (Far-Field) Reinforced Net Section
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Figure B.1: Experimental hysteretic plots (continued)
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Test 9: Pipe3STD (Near-Fault-T) Reinforced Net Section
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Figure B.1: Experimental hysteretic plots (continued)
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Figure B.1: Experimental hysteretic plots (continued)
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Figure B.1: Experimental hysteretic plots (continued)
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Figure B.2 shows the tension and compression backbone curves for the experimental
braces. The tension envelope consists of an elastic, perfectly-plastic response while the
compression envelope transitions to a buckling response after the elastic region. These backbone
curves can be used in conjunction with cyclic hysteretic rules (Ikeda and Mahin, 1986) to
simulate response.

Load
A

Kee
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>V
£

/

P,
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Figure B.2: Schematic backbone curves

The tension backbone of a brace is conveniently described with an elastic, perfectly-
plastic response. This is shown in Eq. B.1.

(B.1)

e(c)

Given the material and geometric properties of the brace, the variables in the above
bilinear formulation can be computed with relationships described by Eq. B.2. Note that the
maximum expected force can be determined by R,FyA, or R{F,A,. The latter is the more
conservative estimate, while RyFy can be more accurate for statistically average steels and typical
design level events. See section 4.4 for a more detailed explanation.

(B.2)

_AE _[REA,
“ L, ' |RFA,

The compression backbone was derived by assuming a concentrated plastic hinge at the
midpoint of the brace and fundamental geometric relationships explained below. Figure B.3
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shows a schematic of a buckling compression strut with initial length between hinge locations,
Lg, axial displacement, A, lateral displacement, d, rotation angle, ¢, and plastic moment, Mp.
Mp

e

Figure B.3: Buckling schematic

The relationship between the rotation and axial displacement can be given by the
following relationship assuming small angles:

2

Lyp

A, =L,(1-cosp)= 5

(B.3)

The relationship between rotation of the central plastic hinge and lateral displacement can be
given by:

Qo=— (B.4)

The plastic capacity (assuming elastic, perfectly-plastic behavior) of the hinge can be expressed
with the plastic modulus of the section, Z, and can be related to the lateral displacement through
equilibrium:

PcazMP =R,FZ (B.5)

From equations B.4 and B.5 it can be shown that:

P.=R,F,Z

I A (B.6)

B™a
An initial imperfection, Ay, is assumed for the axial strut, which is a function of the maximum

expected compressive load, Pc.exp. This requires the backbone to transition from the elastic
region to buckling behavior at the maximum compressive load.
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e(c)—a> a

P _ Ke(c)

‘ 2’ PCI‘ max

RFZ | ———, A, >—
LB (Aa _AO) Ke(c)

where, B.7)
A A 2(R F,Z) _Prwnly 2(R F,Z)*

0 n

Plowls  AE Pl L

P exp 1s the nominal capacity of a compression member and is determined by amplifying
F, by the Ry factor as illustrated in the example in section 2.6.3, while A, is Pe;exp/Ke(). The
tension (P;) and compression backbones (P.) are compared to three experimental force
deformation curves for the HSS4x4x1/4, Pipe3STD, and W12x16 subjected to the far-field
loading history (Figures B.3 through B.5). The figures show that the nominal compression
capacities are lower than the experimental buckling loads; however, the subsequent compression
cycles are predicted quite accurately. The R{F, A, prediction for the HSS is quite accurate, while
for the Pipe3STD and W12x16 the envelope overestimates the actual behavior. As discussed in
section 4.4, tensile demand prediction is a complex issue and there are several alternatives to
using the RF A, formulation (RyFyA, is also shown in Figures B.3 — B.5).
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Figure B.3: Comparison of backbones to Test #1 data
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